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Preface
This thesis was prepared at LM Wind Power (LM) and at the department of Wind
Energy at the Technical University of Denmark (DTU) in fulfillment of the requirements
for acquiring a PhD degree. Furthermore, the thesis was prepared in accordance with
the requirements of the industrial PhD programme in Denmark that is regulated by
Innovation Fund Denmark.
The research described in this thesis is based on the work of an industrial PhD project
in a collaboration between LM Wind Power, Department of Composites Engineering
& Technology, and DTU Wind Energy, Section of Composites Mechanics & Materials.
The main topic is adhesive joints in wind turbine blades with the primary objective of
developing novel design rules to improve the existing joint design for the three primary
joint types in the wind turbine blade; the leading-edge joint, the trailing-edge joint and
the web joint. The need for developing larger and more cost effective wind turbine blades
was a motivation to work in the field of fracture mechanics for adhesive joints used in
wind turbine blades. Personally, it was challenging and motivating to couple model
predictions with lab scale experiments in order to predict the response on full scale wind
turbine blade joints.
This research was primarily supported by grant no. 4135-00010B from Innovation
Fund Denmark. This research was also supported by the Danish Centre for Composite
Structures and Materials for Wind Turbines (DCCSM), grant no. 0603-00301B, from
Innovation Fund Denmark. The project has primarily been supervised by Bent F. Søren-
sen (DTU Wind Energy) and Casper Kildegaard (LM Wind Power).
Risø campus, Roskilde, November 15, 2017
Jeppe Bjørn Jørgensen
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Abstract
The industrial goal of this PhD project is to enable manufacturing of larger wind turbine
blades by improving the existing design methods for adhesive joints. This should improve
the present joint design such that more efficient wind turbine blades can be produced.
The main scientific goal of the project is to develop new- and to improve the existing
design rules for adhesive joints in wind turbine blades. The first scientific studies of
adhesive joints were based on stress analysis, which requires that the bond-line is free
of defects, but this is rarely the case for a wind turbine blade. Instead linear-elastic
fracture mechanics are used in this project since it is appropriate to assume that a crack
can initiate and propagate from a pre-existing defect.
The project was divided into three sub-projects. In the first sub-project, the effect of
different parameters (e.g. laminate thickness, post curing and test temperatures) on the
formation of transverse cracks in the adhesive were tested experimentally. It was assumed
that the transverse cracks evolved due to a combination of mechanical- and residual
stresses in the adhesive. A new approach was developed that allows the residual stress
to be determined in several different ways. The accuracy of different ways of measuring
residual stresses in the adhesive was tested by applying five different methods on a single
sandwich test specimen (laminate/adhesive/laminate) that was instrumented with strain
gauges and fiber Bragg gratings. Quasi-static tensile tests of sandwich specimens showed
that higher post curing temperature and lower test temperature had a negative effect on
the formation of transverse cracks in the adhesive i.e. transverse cracks initiated at lower
applied mechanical loadings. The effect of increased laminate thickness was minimal
under both static and cyclic loading.
In the second sub-project, tunneling cracks in adhesive joints were analyzed numerically
and experimentally. Simulations with a new tri-material finite element model showed
that the energy release rate of the tunneling crack could be reduced by embedding a
so-called buffer-layer with a well-chosen stiffness and -thickness. However, it was found
for adhesive joints in wind turbine blades that the laminates were already sufficiently
stiff. Thus, the effect of a stiffer buffer-layer was small in comparison with the effect of
reducing the thickness of the adhesive layer. A new approach was in combination with a
generic tunneling crack tool used to predict the cyclic crack growth rate for tunneling
cracks in the adhesive joint of a full scale wind turbine blade. Model predictions were
tested on a full scale wind turbine blade that was loaded excessively in an edgewise
fatigue test in a laboratory. It was demonstrated that the model predictions were in
agreement with measurements on the full scale test blade.
In the third sub-project crack deflection at interfaces in adhesive joints was investigated
experimentally. Therefore, it was necessary to design a test specimen, where a crack
could propagate stable and orthogonal towards a bi-material interface. A four-point
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single-edge-notch-beam (SENB) test specimen loaded in displacement control (fixed grip)
was designed and manufactured for the purpose. In order to design the test specimen,
new models were established to ensure stable crack growth and thus enable that crack
deflection could be observed during loading (in-situ). A new analytical model of the
four-point SENB specimen was derived, and together with numerical models it was found
that the test specimen should be short and thick and the start-crack length relatively
deep for the crack to propagate in a stable manner. Using the design from the developed
models, crack deflection at interfaces for different material systems was tested successfully.
For test specimens in selected test series it was observed that a new crack initiated at
the interface before the main crack propagated and reached the interface. This cracking
mechanism was used to develop a novel approach to determine the cohesive strength
of the interface. The novel approach was applied to determine the cohesive strength of
different material systems including an adhesive/laminate interface. It was found that
the cohesive strength of the interfaces was small in comparison with the macroscopic
strength of the adhesive.
Resume
Det industrielle formål med dette ph.d. projekt er at muliggøre fremstilling af større
vindmøllevinger ved at forbedre de eksisterende designmetoder for limsamlinger. Dette
skal føre til en forbedring af det nuværende design for limsamlinger således mere effektive
vindmøllevinger kan produceres. Det overordnede videnskabelige formål med projektet er
at udvikle nye- samt forbedre de eksisterende designregler for limsamlinger i vindmølle-
vinger. De første videnskabelige studier af limsamlinger var baseret på spændingsanalyse,
som forudsætter at limsamlingen er fremstillet uden defekter, hvilket dog sjældent er
tilfældet i en vindmøllevinge. I dette projekt anvendes istedet en fremgangsmåde baseret
på lineær-elastisk brudmekanik, da det med rimelighed kan antages at en revne kan
initiere og vokse fra en allerede eksisterende defekt i limen.
Projektet blev opdelt i tre delprojekter. I det første delprojekt blev dannelsen af
tværgående revner i limen testet eksperimentelt og effekten af forskellige parametre
blev undersøgt (f.eks. laminattykkelse, efterhærdningstemperatur og testtemperatur).
Det blev antaget at de tværgående revner initierede som følge af en kombination af
mekaniske- og residualspændinger i limen. En ny fremgangsmåde muliggjorde at residual
spændinger i limen kunne bestemmes på forskellige måder. Nøjagtigheden af fem
forskellige metoder til at måle residualspændinger i limen blev testet vha. et sandwich
testemne (laminat/lim/laminat), som var instrumenteret med strain gauges og fiber Bragg
gratings. Statiske træktests af sandwichemnerne viste at højere efterhærdningstemperatur
og lavere testtemperatur havde en negativ effekt på dannelsen af tværgående revner i
limen, dvs. tværgående revner initierede ved lavere mekanisk belastning. Effekten af
tykkere laminat var minimal under både statisk og cyklisk belastning.
I det andet delprojekt blev tunnelrevner i limsamlinger analyseret numerisk og
eksperimentelt. Simuleringer vha. en ny symmetrisk finite element model med tre
forskellige materialer viste at energifrigørelsesgraden for tunnelrevnen kunne reduceres
ved at inkludere et såkaldt buffer-lag med en velvalgt stivhed og -tykkelse. Dog viste
det sig for limsamlinger i vindmøllevinger, at stivheden af laminaterne allerede var
tilstrækkeligt stor således effekten af et buffer-lag var lille sammenlignet med effekten
af at reducere tykkelsen af limlaget. En ny fremgangsmåde blev anvendt sammen
med et generisk tunnelrevneværktøj til at forudsige cyklisk revnevæksthastighed for en
række af tunnelrevner i en limsamling på en vindmøllevinge. Modelforudsigelserne blev
testet på en fuldskalavinge, som blev belastet ekstremt højt cyklisk under en kantvis
udmattelsestest i et laboratorie. Revnelængden for 27 tunnelrevner blev løbende opmålt
på bagkantslimsamlingen under den cyklisk belastede test og det blev demonstreret at
modelforudsigelserne var i overensstemmelse med målingerne på fuldskala-testvingen.
I det tredje delprojekt blev revneafbøjning ved grænseflader i limsamlinger undersøgt
eksperimentelt. Derfor var det nødvendigt at designe et testemne, hvor en revne kunne
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vokse stabilt og vinkelret ind mod en bi-materiale grænseflade. Til formålet blev et
testemne med en sidekærv fremstillet. Testemnet blev belastet i firepunktsbøjning med
en påtrykt flytning. Modeller blev udviklet til at designe testemnets geometri for at sikre
stabil revnevækst og således muliggøre observation af revneafbøjning under belastning (in-
situ). En ny analytisk model af testemnet blev udledt og sammen med numeriske modeller
blev det bestemt at testemnet skulle være kort og tykt samt at start-revnelængden skulle
være dyb for at revnen kunne vokse stabilt. På baggrund af modellerne blev succesfulde
forsøg med revneafbøjning udført for forskellige materialesystemer med lim. For testemner
i udvalgte testserier blev det observeret at en ny revne initierede i grænsefladen inden
hovedrevnen nåede at vokse frem. Denne revnemekanisme blev anvendt til at udvikle en
ny metode til at bestemme den kohæsive styrke af grænsefladen. Metoden blev anvendt
til at bestemme den kohæsive styrke af grænsefladen for forskellige materialesystemer,
herunder en lim/laminat grænseflade. De målte kohæsive styrker af grænsefladerne var
små sammenlignet med den makroskopiske styrke af limen.
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CHAPTER 1
Introduction
The main parts of wind turbine blades are two aerodynamic shells (upwind, downwind)
and two webs made of glass fibre reinforced composites produced by a vacuum-assisted-
resin-transfer-moulding (VARTM) process. In the typical blade concept, the shells and
webs are moulded separately and then bonded together in an assembly process using
a structural adhesive. During the curing process, the adhesive shrinks and builds up
residual stresses (tensile) that is caused by the constraining effect from the laminates
since the adhesive cannot freely contract. Residual stresses can also rise due to thermal
effects if there is a mismatch in coefficient of thermal expansion between the adhesive
and the laminate. The main load carrying adhesive joints are located at the leading-edge,
trailing-edge and at the webs as shown in Figure 1.1. The stress state in the adhesive
is three dimensional since geometries are complex (curvature- and thickness variations)
and the mechanical stresses interact with the residual stresses in the adhesive.
z x y
Blade
Blade tip
Blade root
Leading- 
edge joint
Core (balsa/foam)
Glass fiber
Adhesive Web
joints
Blade section
Trailing- 
edge joint
Upwind
shell
Downwind
shell
z x
Figure 1.1: Blade and cross section to illustrate the location of the adhesive joints.
During the life-time of the wind turbine, which is more than 20 years [52, 92, 90, 60,
47, 83], the adhesive joints are loaded cyclic by wind- and gravitational loads that can
be separated into a flapwise- and an edgewise load, respectively [85, 90]. Furthermore,
the joints should be designed against extreme loads i.e. a few high static loads, but also
be able to resist the demanding operational conditions such as temperatures, lightning
strikes, moisture and erosion [51].
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1.1 Motivation and Problem Statement
In the recent decades, technology developments and improvements have increased the
power ratings for wind turbines. Thus, the levelized cost of energy (LCOE) has decreased
and further capacity of wind energy were installed [54]. In order to reduce the LCOE,
wind turbines, and particular the blades have increased in size over the past years as
illustrated in Figure 1.2.
93.0 m
(Statue of 
Liberty)
68.5 m
(Wing span on
Airbus A380)
Figure 1.2: The increase in blade sizes over the last four decades (LM Wind Power).
Larger wind turbines means that for the same level of energy production, fewer units
are required, which reduces the operation costs of the wind farm [29]. The power ratings
are now above 8 MW and the length of the blades has exceeded 85 m. It is expected
that even longer blades will be produced in the near future to fit wind turbines with
power ratings of about 12-15 MW [5]. Even concept designs of wind turbines up to 20
MW are being explored, where one of the most important challenges is to limit the blade
weight [61]. Another benefit of manufacturing lighter blades is the cost reduction for the
remaining components (hub, nacelle, tower, foundation [32]) in the wind turbine since
the loadings on these components become smaller.
Historically, the weight of the blades measured in kg, has increased to the power of
about 2.1 of the rotor diameter in meters as shown in Figure 1.3 [19, 65]. With increasing
size and weight of the blades, the structural performance requirements become more
difficult to achieve. For wind turbine blades, two important design requirements are
sufficiently bending stiffness to maintain tip clearance towards the tower and sufficiently
blade bending strength against extreme static loadings e.g. a 50-year gust. Furthermore,
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the fatigue life for the blades should usually be minimum 20 years corresponding to
approx. 108 cycles [29]. Full scale blade tests are used to verify the static/fatigue strength
of the blade according to the requirements of IEC 61400-23 that includes the following
tests [25]: Blade properties (weight, natural frequencies, elastic properties etc.), static
strength, fatigue strength and static strength after fatigue tests. The strength tests
are separated into flapwise and edgewise tests. Usually only one full scale blade test is
conducted for each blade type [25].
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Figure 1.3: The trend in blade mass with rotor diameter [19].
The overall business objective of this project is to reduce the cost of energy by enabling
manufacturing of longer and more cost efficient wind turbine blades. More specifically,
it is aimed at developing new- and improving existing analysis tools for adhesive joints
in wind turbine blades. This will enable the industry to design closer to the actual
structural limits. The main scientific aim of the project can be stated as:
• Develop novel design rules and generic models of adhesive bonded joints in wind
turbine blades.
A way to achieve the overall business objective is to develop novel design rules, for an
improved joint design, that can significantly reduce the cost by not only saving material,
but also allowing larger loading of the joints. In relation to the design of the joints, there
are mainly two ways of fulfilling this:
◦ Allow the joint design limit to be closer to the actual strength based on improved
understanding of the failure modes. Thus, material savings are achieved and lighter
blades can be manufactured.
◦ Increasing material and process performance in a cost effectively way.
The work in this project is related to the first point by applying an approach based
on linear-elastic fracture mechanics (LEFM) since the aero shells in a wind turbine
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rotor blade are bonded by a structural adhesive and it is appropriate to assume that the
adhesive contains manufacturing flaws from which a crack can initiate and propagate. This
means that cost reductions can be achieved by improved understanding of the cracking
mechanisms in the joints, which enable a design closer to the actual structural/material
limits. As exemplified in Figure 1.4, the larger design margin, the more safe or conservative
design, but too large design margins adds unnecessary, and costly, material to the blade.
Fre
qu
en
cy
design margin
Fre
qu
en
cy
design margin(A) (B)
failure
load variability
material variability
load variability
material variability
Figure 1.4: (A) Overly conservative joint design. (B) Joint design with desired probability
of failure (modified from Straalen et al. [94]).
The variable nature of both the loadings (e.g. energy release rate) and the adhesive
joint resistance (e.g. fracture toughness) complicates the development of design rules
[94]. The variation of the loadings, i.a. caused by the random nature of the wind,
cannot directly be changed. The load distribution can be translated (reduced) by adding
material, but this increases the blade weight in an undesired manner. Alternatively, the
load distribution can be translated (reduced) e.g. by reducing the residual stresses in
the adhesive. The residual stress magnitude can be reduced by improved understanding
of the residual stress development in the adhesive during the manufacturing process.
The joint material distribution can be translated (enhanced/increased) by improving the
mechanical properties of the joints e.g. by using a better but more expensive adhesive
material systems.
Design based solely on probabilistic considerations is an old fashioned way of designing
adhesive bonded joints. Another way of improving the structural performance of an
adhesive joint is to apply a modern fracture mechanics based approach to design the
joint, such that, if an isolated crack initiates and starts to grow, then crack propagation
is stable i.e. the energy release rate decreases with crack length. A good damage tolerant
design for wind turbine blade joints contains only cracks that deflects or arrests before
reaching a critical length. This can be achieved by improved understanding of the
cracking mechanisms in the joint, which is the main problem to investigate in this thesis.
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1.1.1 Cracking Mechanisms and Damage Tolerance of
Adhesive Joints
Adhesive joints are typically one of the first structural details in a blade to develop
damage that is defined as distributed adhesive cracks [90]. If several distributed cracks
initiate and evolve simultaneously, then a damage based design approach can be applied
to improve the joint design [75, 64].
Although, the joints are designed properly according to the structural design limits
for crack initiation, it is advantageous to ensure that the joint design is damage tolerant
i.e. building in an extra safety feature. Thus, the damage develops in a stable manner
and is detectable before it reaches a critical state i.e. joint failure [90]. The term failure
defines the critical state where the joint loses its capability to carry load. Models and
experimental test results of damage development are also desirable since they can be
used to plan maintenance by evaluating the damage growth rates and -sizes [37].
Adhesive joints can develop damage or fail in several different ways (failure modes)
depending on material properties, temperatures, environmental conditions, loadings and
geometry. Accounting for these parameters are necessary in order to design a reliable and
damage tolerant adhesive joint. Especially, adhesive joints made of composite materials
can fail in a number of ways since cracks can develop in both the adhesive and the
laminate, and these can even interact and thereby complicate the design process further.
Thus, the blade designer has to consider a broad range of different potential failure modes
as elaborated next.
1.2 Design Failure Mode and Effects Analysis
Design Failure Mode and Effects Analysis (DFMEA) is a methodology to identify the
ways a given product potentially can fail and it includes a prioritization of the potential
modes of failure evaluated based on the severity of the failure, the occurrence of the
failure and the detectability of the failure [63]. For the present analysis, the product
is the adhesive joint component in a wind turbine blade. Generally, about ten steps
are needed to complete a full DFMEA [63]. Since it is out of the scope to conduct a
full DFMEA, a brief (mini) DFMEA of adhesive joints in wind turbine blades will be
presented. Therefore, only the first two steps in the DFMEA methodology presented by
McDermott et al. [63] is applied:
(1) Review the product.
(2) Brainstorm potential failure modes.
The main idea of step (1) is to be familiar with the product e.g. by drawings or prototypes.
The primary purpose of this mini DFMEA is to identify potential failure modes that
are generic i.e. frequent in the three main structural adhesive joints (the leading-edge,
trailing-edge and web joints).
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1.2.1 Potential Failure Modes
The first step in the mini DFMEA presented here is a brief review of the manufacturing
procedure and the typical design of the adhesive joints. From a geometrical point of view,
the leading-edge, trailing-edge and web joints are different as shown in Figure 1.5. The
leading-edge joint is connecting the upwind and downwind shells that are produced of
glass fibre reinforced laminates in a VARTM process. The leading-edge joint is designed
with a flange to support the joint in order to re-direct the load transfer from peel stresses
to shear stresses. The trailing-edge joint is manufactured by bonding the upwind- and
downwind shells (two laminates) that are produced of glass fibre reinforced laminates.
The web joint is manufactured by bonding the web foot onto the main laminate of the
blade. The main laminate is primarily made of a thick stack of uni-directional glass
fibre layers. The web body is produced by infusion of a balsa/foam core with thin skin
laminates, whereas the web foot is primarily made of different types of glass fibre.
The second step in the mini DFMEA is a brief brainstorm of the potential failure
modes that can be thought to be identified for the leading-edge, trailing-edge and web
joints. From a fracture mechanics point of view, the three joints are similar as shown by
comparing the types of potential cracking modes in Figure 1.5. The potential cracks in
the x-z plane of the adhesive joints are numbered (#1.i) and those in the x-y plane are
numbered (#2.i), where i is an integer between 1 and 6. The potential types of cracks
are listed below:
# 1.1 Cohesive failure of the adhesive.
# 1.2 Debond crack in the laminate-adhesive interface.
# 1.3 Debond crack that is kinking into the laminate.
# 1.4 Delamination in the laminate.
# 2.1 Transverse crack (tunneling crack loaded in tension (mode-I)).
# 2.2 Singly deflected crack (L-shaped tunneling crack with debonding).
# 2.3 One-sided doubly deflected crack (T -shaped tunneling crack with debonding).
# 2.4 Two-sided doubly deflected crack (H-shaped tunneling crack with debonding).
# 2.5 Crack penetration into laminate (tunneling crack penetrating the laminate).
# 2.6 Oblique crack (tunneling crack loaded in shear (mode-II)).
The description of the potential cracking mode outside the parenthesis of the list is the
2D version and the description inside the parenthesis of the list is the 3D version of
the potential cracking mode. The coordinate system is oriented such that the y-axis is
pointing from the blade root towards the blade tip according to Figure 1.1. The loading
components are named according to:
• P : Normal force
• T : Shear force (longitudinal shear)
• M : Bending moment (in transverse plane)
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Figure 1.5: Potential cracking modes in: (A) leading-edge joint, (B) trailing-edge joint,
(C) web joint.
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1.2.2 Evaluation of Potential Failure Modes and
Identification of a Family of Joints
The potential failure modes identified and presented in Figure 1.5 (A-C) are found
to be comparable, especially the types of cracks named #2.i. Since the leading-edge,
trailing-edge and web joints contain similar potential failure modes, they are referred to
as a ”family of joints”. Although the geometrical and structural details of the joints are
different, from a fracture mechanics point of view the joints are similar.
In order to cover the most important failure modes in the joint design process with
the least amount of different models/tests, it is desirable to select and analyze failure
modes that are present in all three members of the ”family of joints”. Since the transverse
cracking mode (#2.1 in Figure 1.6) is one of the first steps in the cracking process
and potentially can be found in all three members of the ”family of joints” i.e. the
leading-edge, the trailing-edge and the web joints, it is advantageous to analyze this
particular cracking mode in details. Thus, it is aimed at analyzing transverse cracking of
the adhesive using the same model concept for the three members of the ”family of joints”.
When a transverse crack in the bondline of the ”family of joints” is fully developed, it
may deflect along the interface (#2.2, #2.3 and #2.4 in Figure 1.6) or penetrate into
the laminate (#2.5 in Figure 1.6).
#2.1 #2.2 #2.3 #2.4 #2.5
x yz
x y P(A) (B)P
Figure 1.6: (A) Blade section. (B) Potential cracking modes in the x-y plane of the
adhesive joint under loading by the normal force, P .
According to Figure 1.5, the main loading components on the different types of cracks
named #2.i are the normal force, P , and the shear force, T . The forces P and T are
causing longitudinal tension and -shearing deformation of the joint, respectively. To
simplify the analysis, the shear loading component is neglected meaning that the potential
cracking mode numbered #2.6 in Figure 1.5 is not considered. Thus, the primary cracking
modes to be analyzed in the present work are those presented in Figure 1.6 (#2.1, #2.2,
#2.3, #2.4 and #2.5). There will be a primary focus on the fundamental cracking mode
numbered #2.1 in Figure 1.6. In order to analyze these cracking modes and -phenomena
for adhesive joints in wind turbine blades novel approaches, test methods and model
concepts are desired.
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1.3 State of the Art for Adhesive Bonded Joints
Some of the first scientific studies of adhesive bonded joints, by Volkersen [109], Goland &
Reissner [26] and Hart-Smith [35], were closed form solutions based on stress for single lap
joints. Later, other joint types were modeled using a similar approach [33] and according
to Figure 1.7 by Hart-Smith [34], a double scarf joint was the preferable joint type if the
adherends were thick and high strength was a requirement. More advanced elastic-plastic
models were also developed by Hart-Smith [36] in order to account for plasticity of the
adhesive and the effect of flaws at the adhesive-substrate interface. Another application
of modeling based on stress was the interaction between an elliptical shaped crack and a
plane of weakness (such as an interface) under various conditions as demonstrated by
Cook and Gordon [18]. They established a criterion (Cook-Gordon criterion) stating
that the interface fails if the interface-to-substrate strength ratio is less than about 1/3
to 1/5.
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Figure 1.7: Bonded joint strength for various joint types with different thickness of
adherends. The failure modes on the diagram represent the limit on efficient
design for each joint type (modified from Hart-Smith [34]).
Design based on stress analysis requires that the bond line is free of manufacturing
flaws and defects, which is rarely the case in a wind turbine blade joint. It is therefore
appropriate to assume that the joint contains manufacturing flaws [91]. Classical linear-
elastic fracture mechanics (LEFM) can be applied if a flaw or a pre-crack is present. For
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LEFM to be accurate the materials must deform in a linear-elastic manner, be isotropic
and the plastic zone size and the fracture process zone at the crack tip must be small
[44, 42]. When these assumptions are satisfied, the energy release rate approach by
Griffith [28] is related to the stress intensity approach through the Irwin relation [45].
Solutions for practical crack problems have been developed based on LEFM to predict
crack propagation [101, 43, 104]. One of the important applications of LEFM is the
modeling of a channeling crack propagating through a thin film [11]. A related problem is
that of a tunneling crack propagating through an adhesive layer constrained in-between
two substrates as demonstrated by Ho and Suo [100, 41]. The energy release rate of a
steady-state tunneling crack can be determined using a plane strain solution although
the tunneling crack problem is a 3D process [41]. In turn, 3D finite element (FE) models
are needed for transient modeling of channeling/tunneling cracks since the crack length
must reach a certain length for the crack to become steady-state [68, 111, 4, 6]. For a
tunneling crack in a homogenous solid this length is about twice the thickness of the
cracked layer [68, 41]. For tunneling crack models, delamination between the adhesive
and the substrate can be included as well [17, 97].
LEFM can also be applied for the prediction of crack deflection at interfaces [39, 40,
38, 30, 62]. He and Hutchinson [39] established a criterion for crack deflection stating
that the interface-to-substrate toughness ratio should be less than 1/4 for the crack
to deflect at the interface. For cyclic crack propagation, the Paris law can be used to
couple the stress intensity factor range to the crack growth rate [69]. These models are
important for the prediction of crack propagation in adhesive joints for wind turbine
blades [22]. The analytical methods based on LEFM are useful since they are reliable
and quick to apply, but they have their limitations.
The recent studies have found a way to account for the influence of non-linear effects in
the fracture process zone and to predict the initiation of a new crack. The non-linearities
can be accounted for by using a cohesive law, which is relating the separation of the
crack surfaces with the prescribed tractions [90]. The cohesive law can be measured
experimentally, e.g. by the J-integral approach [59, 88, 89, 7, 27]. Alternatively,
Mohammed and Liechti [66] measured the cohesive law parameters for a bi-material
interface using a calibration procedure. The cohesive law can, based on cohesive zone
modeling (CZM) and inputs from small scale test specimens, be used to predict the
failure strength of larger adhesive joints [87]. Cohesive zone modeling with finite element
simulations can also be used to predict both crack initiation and crack propagation for
adhesive bonded joints [114, 113, 66]. Another application of cohesive zone modeling is
crack deflection at interfaces as demonstrated in the studies by Parmigiani and Thouless
[72] and Brinckmann et al. [13]. They concluded that both the fracture toughness and
the cohesive strength are important parameters in an accurate crack deflection criterion.
As demonstrated, methodologies exist for the modeling of cracking mechanisms
in adhesive bonded joints, although primarily for simplified geometries and loadings.
However, the methodologies applicability on the complicated cracking mechanisms in
adhesive joints for wind turbine blades needs to be further investigated. Therefore, the
theme of this thesis is, based the fundamental methodologies, to develop novel approaches
and to test their applicability on adhesive joints for wind turbine blades.
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1.4 Scientific Objectives and Sub-projects based
on a Family of Joints
As mentioned, the structural details of the ”family of joints” are different, but from a
fracture mechanics point of view, the cracking sequence is the same (see Figure 1.8):
1. A crack initiates from a pre-exising defect in the adhesive and evolves to a transverse
crack.
2. The transverse crack propagates as a tunneling crack across the adhesive layer.
3. When the transverse crack reaches the interface, it can deflect along the interface
or penetrate into the laminate.
This sequence of potential cracking defines the three main sub projects of the present
work, see Figure 1.8. It is assumed that cracks in the adhesive propagate under combined
mechanical stress, σm, and residual stress, σr. This should be taken into account in the
development of generic design rules and model concepts for the ”family of joints”.
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Figure 1.8: Sub projects and the ”family of joints” (#1: Laminate/substrate, #2: Adhe-
sive).
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1.4.1 Definition of Scientific Objectives
For each sub project, scientific objectives should be defined based on the gaps identified
in the state of the art literature.
Sub project 1: The evolution of transverse cracks is promoted by residual stresses
in the adhesive. Therefore, it is the aim to improve the measuring techniques for
determination of residual stresses and establish a robust method where the residual
stress measurement can be included in the determination of the stress in the adhesive
at first transverse crack. Furthermore, it is the goal to investigate the effect of different
parameters such as temperatures on the evolution of transverse cracks in adhesive joints.
General techniques for the measurement of residual stresses is well known in the literature
[110] e.g. by using different types of beam specimens [67]. However, the applicability and
accuracy of the different methods for the particular adhesive joints needs to be tested
experimentally. Furthermore, it is desired to measure the residual stress during the
manufacturing of the adhesive joints such that the manufacturing step where the largest
part of the residual stress builds up in the adhesive can be identified. Other complicating
factors are the specific joint geometry and the constraining effect of the laminates on the
adhesive (during curing), which might affect the residual stress magnitude. Therefore, it
is needed to develop a new type of test specimen and approach where these effects can
be included.
Sub project 2: The existing tunneling crack models found in the literature [100, 43,
41, 97, 98, 10] are limited to bi-material models e.g. a layer of adhesive constrained
in-between two substrates. In turn, for a wind turbine blade joint the substrates are
made of several different layers of materials that for some cases needs to be modeled as
orthotropic. Therefore, the existing tunneling crack models needs to be expanded and
tailored to the applicability on adhesive joints for wind turbine blades. The applicability
of tunneling crack models on real full scale structures are limited and complicated due to
the many parameters (e.g. environments, loads, geometries, material variations) that
needs to be accounted for in an accurate analysis. Also, the difficulty of collecting data
(e.g. crack lengths, geometries, loadings) on structures in operation makes measurements
of tunneling cracks challenging, especially under cyclic loading. Therefore, a generic
tunneling crack tool is desired that is easy to apply (with sufficient accuracy) on real
engineering structures that are loaded cyclic e.g. wind turbine blades.
Sub project 3: Modeling the deflection of a crack meeting an interface were, at first,
based on either stress criteria [18, 31] or energy criteria [40, 38, 30, 62, 106]. The stress
criteria and energy based approach can be unified using a cohesive law with cohesive
zone finite element simulations [72, 13]. The parameters for the cohesive law can e.g. be
measured by the J-integral approach [59, 27], but accurate experimental determination of
cohesive strength magnitude for bi-material interfaces is challenging. Furthermore, stable
crack growth experiments where the crack deflection process are clearly documented
are limited [57]. It is therefore the aim to design an experiment to test crack deflection
at interfaces, where the crack deflection process can be clearly identified. Thus, novel
models need to be developed in order to design the experiment properly i.e. with stable
crack propagation. A successful crack deflection experiment should be demonstrated in
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practice. Finally, it is the aim to develop a novel approach to determine the cohesive
strength of a bi-material interface, σˆi, since this is an important parameter in an accurate
crack deflection criterion.
1.4.2 Addressing the Scientific Objectives
As visualized by the three sub projects in Figure 1.8, the main research objective is
to develop a generic model concept based on linear-elastic fracture mechanics that can
predict the primary cracking mechanisms for the ”family of joints”. This should lead to
novel design rules for adhesive bonded joints in order to fulfill the main scientific aim.
The scientific objectives for the three main sub projects were addressed by the work in
the papers appended to this thesis as:
• Sub project 1:
– The effect of residual stresses on the formation of transverse cracks in adhesive
joints for wind turbine blades (Paper P1).
• Sub project 2:
– The effect of buffer-layer on the steady-state energy release rate of a tunneling
crack in a wind turbine blade joint (Paper P2).
– Tunneling cracks in full scale wind turbine blade joints (Paper P3).
• Sub project 3:
– Design of four-point SENB specimens with stable crack growth (Paper P4).
– Crack deflection at interfaces in adhesive joints for wind turbine blades (Paper
P5).
– Determination of mode-I cohesive strength for interfaces (Paper P6).
The fracture mechanics models and methods should be integrated into design rules that
can improve the joint design for large wind turbine blades. Thus, the desired industrial
outcome is design criteria that can expand the existing joint design envelopes. The
primary academic goal is to contribute to the current research within adhesive bonded
joints for wind turbine blades e.g. through novel approaches, methodologies, experimental
tests and models.
1.5 Thesis Outline
This thesis is divided into six chapters, where the first chapter is the introduction. The
second chapter presents the needed background for adhesive joints in wind turbine blades,
primarily from a materials perspective. Chapter 3, 4 and 5 will be dedicated the three
sub projects, respectively. In chapter 3, experimental determination of residual stress
and its effect on the formation of transverse cracks in the adhesive will be investigated
experimentally. In chapter 4, a numerical model of a tunneling crack will be developed to
improve the joint design and to predict tunneling crack growth rates on a full scale wind
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turbine blade joint. Chapter 5 presents investigations of the problem of crack deflection
at interfaces through modeling and experimental tests. Finally in chapter 6, the novel
model concepts and experimental results will be discussed in relation to the existing
knowledge in the literature. Furthermore, in this last part of the thesis, the papers will
be summarized and the main findings will be combined in order to provide a broader
perspective and to establish novel design rules for adhesive bonded joints. To conclude,
the future challenges for adhesive joints in wind turbine blades will be discussed and a
brief conclusion will sum up the major results.
CHAPTER 2
Background
In this chapter the background of adhesive joints for wind turbine blade and materials
will be presented beginning with an introduction of structural adhesives.
2.1 Structural Adhesives for Wind Turbine Blades
According to Slütter [84], in a typical wind turbine blade with a length of 43 meter, the
shells are bonded by applying about 165 kg adhesive and the adhesive layer thickness
can be up to 30 mm. Therefore, the price- and properties of the adhesive, e.g. strength,
stiffness and fracture toughness, are important parameters when selecting the right
structural adhesive for the wind turbine blade. Some of the largest suppliers of structural
adhesives for the wind turbine blade industry are: Huntsman, ITW Plexus, SciGrip,
Reichhold, Sika and Scott Bader.
Structural adhesives are load-bearing adhesives since they are capable of adding
strength to the adherends [46]. Structural adhesives are usually two-component resin-
hardener systems, where a thermosetting resin and a hardener are mixed to start the
chemical reaction (sometimes accelerated by heat). During the reaction the molecules are
linked together and the material becomes solid such that a permanent bond is created.
Fillers can be added to the adhesive in order to tailor specific properties such as chemical
shrinkage, stiffness or toughness [8]. Heat treatment is another way to enhance certain
properties. The main types of structural adhesives, commonly used for wind turbine
blade joints, are [84]:
• Epoxy adhesives (EP)
• Polyurethane adhesives (PU)
• Methyl methacrylate adhesives (MMA)
• Vinylester adhesives (VE)
The choice of adhesive type is important since the mechanical properties of the adhesive
affects the reliability of the joint significantly. Schematic stress-strain curves for different
groups of adhesives are presented in Figure 2.1.
In general, epoxy adhesives are the most widely used structural adhesive and have
been used longer than other structural adhesives [46]. Epoxy adhesives can bond a wide
range of materials e.g. composites, metals, ceramics and rubber [8]. The shear strength
of epoxy adhesives are generally high in comparison with other structural adhesives.
Both the curing temperature and post curing temperature have an effect on the Young’s
modulus and tensile strength of the epoxy adhesive [16, 15]. Post curing of epoxy
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adhesives at elevated temperatures can also enhance surface hardness, tensile strength
and flexural strength if the appropriate temperature conditions are present [118].
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str
es
s brittle
toughened
flexible
Figure 2.1: Schematic illustration of stress-strain curves for different types of adhesives
(modified from Straalen et al. [94]).
PU adhesives are known for high toughness and flexibility even at low temperatures,
but sensitive to moisture and temperature in uncured state [46]. Furthermore, PU
adhesives can adhere to a wide range of substrates with a moderate shear strength [8].
Unmodified MMA adhesives are brittle, but MMA adhesives in modified state provide
high elongation to break, sometimes up to 130% [84]. The strength of MMA adhesives
are typically low, but the adhesion to surfaces is great even on unprepared surfaces [84].
The short curing times that can be achieved with MMA adhesives are advantageous to
reduce cycle times in the production [8].
VE adhesives are recommended when bonding composites made of polyester- or
vinylester resin [84]. The mechanical properties of VE adhesives are close to those of
epoxy adhesives since VE adhesives are based on epoxy systems [8, 84]. VE adhesives
can cure at room temperature, but particular properties can typically be enhanced by
post curing at elevated temperatures [3].
2.2 Material Assumptions
In order to apply linear-elastic fracture mechanics within an acceptable accuracy for
modeling of crack propagation in adhesive joints, the following assumptions must be
fulfilled:
• Linear-elastic and isotropic material properties.
• Plasticity is limited to small-scale yielding near the crack tip.
If these assumptions are fulfilled, the energy- and stress intensity approach are related
by the Irwin relation [45]:
GI =
K2I
E¯
(2.1)
where the Young’s modulus E¯ = E is for plane stress and E¯ = E/(1− ν2) is for plane
strain. GI is the mode-I energy release rate and KI is the mode-I stress intensity factor.
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To satisfy small-scale yielding, the plastic zone size near the crack tip must be small in
comparison with the characteristic length scale in the problem, which is typically the
crack length, a, or the start-crack length, a0, in the adhesive. The first order estimation
of the radius of the plastic zone size, rp, can be determined by [42]:
rp =
1
3pi
(
KIC
σY S
)2
(plane strain) (2.2)
rp =
1
pi
(
KIC
σY S
)2
(plane stress) (2.3)
where σY S is the yield strength of the material and KIC is the mode-I critical stress
intensity factor. Dependent on the specimen geometry, material properties and loading
configuration, the crack will propagate stable or dynamic once the magnitude of the
critical energy release rate, GIC , (or KIC) is reached [42]. For a material exhibiting
R-curve behavior, i.e. a material with rising fracture resistance as shown in Figure 2.2,
the condition for continued crack extension is; G = GR(∆a), where G is the applied
energy release rate. GR versus ∆a is the resistance curve of a material when the crack
has extended an amount ∆a to the current crack length, a, under quasi-static loading.
To ensure stable crack propagation (not dynamic), the following generalized condition
must be satisfied [42, 104]: [
∂G
∂a
]
L
<
[
dGR
d∆a
]
(2.4)
where L is the loading parameter (prescribed dead load or prescribed fixed displacement).
A mode-I crack in a perfectly brittle material will propagate under constant GI = GIC
as illustrated in Figure 2.2. Thus, the condition for stable crack growth reduces to [42]:[
∂GI
∂a
]
L
< 0 (2.5)
This means that GI must decrease with crack length for the crack to propagate in a
stable manner.
GIC
G  (Δa)
perfectly brittle material
Δa
R material with rising fracture resistance
Figure 2.2: Resistance curves (modified from Hutchinson [42]).
In the present project, the materials are assumed to be perfectly brittle, i.e. no R-
curve behavior as shown in Figure 2.2, such that the assumptions of small-scale yielding
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and a small fracture process zone are satisfied. Furthermore, it is assumed that the
adhesive is deforming elastic (not visco-elastic) and phenomena such as creep and stress
relaxation are negligible.
2.3 Material Parameters
In order to simplify the modeling, non-dimensional parameters can be introduced to
reduce the number of material parameters in the specific problem.
2.3.1 Laminate Parameters
The number of stiffness parameters for an orthotropic material can be reduced by
introducing the dimensionless parameters proposed by Suo [99, 102] that for in-plane
material orientations are:
λx′y′ =
Ey′y′
Ex′x′
, ρx′y′ =
√
Ex′x′Ey′y′
2Gx′y′
−√νx′y′νy′x′ (2.6)
or for out-of-plane material orientation:
λx′z′ =
Ez′z′
Ex′x′
, ρx′z′ =
√
Ex′x′Ez′z′
2Gx′z′
−√νx′z′νz′x′ (2.7)
where Eij is the Young’s modulus, νij is the Poisson’s ratio and Gij is the shear modulus.
The material orientations are shown in Figure 2.3. The structural coordinate system
(x, y, z) and the material coordinate system (x′, y′, z′) are not oriented in the same way.
The structural coordinate system (x, y, z) is oriented such that z is pointing in the
direction where the plane strain assumption typically is applied in the modeling and the
material coordinate system (x′, y′, z′) is oriented such that x′ is pointing in the typical
uni-directional (UD) fiber direction of the laminate, see Figure 2.3.
Substrate #1
Adhesive #2 Interface
z' x'y'x yz
Figure 2.3: Bi-material specimen with adhesive bonded to a uni-directional glass fiber
laminate including material coordinate system (x′, y′, z′) and structural
coordinate system (x, y, z).
The material properties of the glass fibre reinforced epoxy laminates presented by
Leong et al. [58] and the material properties of the carbon fibre reinforced epoxy laminate
from Yang et al. [115] are representative for wind turbine blades. The values for λ and ρ
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for a bi-axial glass fiber laminate (Glass Biax), for a uni-directional glass fiber laminate
(Glass UD), and for uni-directional carbon fiber laminate (Carbon UD) can be found in
Table 2.1.
Material name λx′y′ ρx′y′ λx′z′ ρx′z′
Glass Biax 0.92 0.06 0.85 2.79
Glass UD 0.33 2.43 0.33 2.75
Carbon UD 0.08 4.12 0.08 4.41
Table 2.1: Typical material properties for wind turbine blade relevant materials (based
on values from Leong et al. [58] and Yang et al. [115]).
Typical values of λx′y′ and ρx′y′ for various materials are presented in Figure 2.4
including the values of Glass Biax, Glass UD and Carbon UD that are marked by ”x”. If
the laminate is assumed isotropic then Ex′x′ and νx′z′ are the only stiffness parameters
used in the models i.e. λ = ρ = 1 [102].
100 101 102
1/ λ [ -]
0
1
2
3
4
5
6
ρ
[-]
Glass Biax
Glass UD
Carbon UD
Al (FCC)
Fe (BCC)
Pb (FCC)
Ash
Balsa
Oak Pine
Graphite/Epoxy
GY70/Epoxy
Boron/Epoxy
Graphite/Al
x'y'
x'y
'
x
x
x
Figure 2.4: Orthotropy parameters λx′y′ and ρx′y′ for selected materials. Materials
marked by dots are from Suo [99] and materials marked by ”x” are the blade
relevant materials in Table 2.1.
2.3.2 Bi-material Parameters
When loadings are prescribed as displacements, the stiffness mismatch (elastic) for the
bi-material models, e.g. the specimen shown in Figure 2.3, can be presented in terms
of three non-dimensional parameters E1/E2, ν1, and ν2 for the substrate/adhesive. The
typical elastic mismatch between the adhesive and an isotropic substrate with stiffness of
a uni-directional glass fibre reinforced polyester laminate is E1/E2 ≈ 12.
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In turn, when loadings are prescribed as tractions for a bi-material problem, Dundurs’
parameters (α, β) can be introduced to reduce the number of non-dimensional parameters
from three to two [21, 20, 43]. To apply Dundurs’ parameters it is furthermore required
that the materials are linear-elastic, isotropic and deformations are planer i.e. plane
strain or plane stress. If these requirements are fulfilled, the stress field of bi-material
problems with stresses as boundary conditions (not displacement boundary conditions)
depends on only two (α, β), and not three (E1/E2, ν1, ν2), non-dimensional elastic
parameters (Dundurs’ parameters):
α12 =
E¯1 − E¯2
E¯1 + E¯2
, β12 =
E¯1f(ν2)− E¯2f(ν1)
E¯1 + E¯2
(2.8)
where E¯i = Ei/(1− ν2i ) and f(νi) = (1− 2νi)/[2(1− νi)] are for plane strain, and E¯i = Ei
and f(νi) = (1− 2νi)/2 are for plane stress [71]. If the Poisson’s ratios are set constant
(ν1 = ν2 = 1/3) then Dundurs’ parameters reduce to β = α/4 in plane strain and β = α/3
in plane stress [20, 43].
In plane strain the physically admissible values of α and β are restricted to lie within
a parallelogram [20]. This parallelogram is enclosed by α = ±1 and α − 4β = ±1 in
the α, β-plane when assuming non-negative values of Poisson’s ratio. α and β values
for different materials are presented in Figure 2.5. It is illustrated that typical material
combinations are enclosed by the parallelogram. Realistic values of Dundurs’ parameters
(α, β) for the bi-material combination of adhesive-to-substrate (isotropic), where the
substrate is Glass Biax, Glass UD or Carbon UD, are marked by ”x” in Figure 2.5. It
is the laminate stiffness parameter Eyy that is used in the computation of α and β for
these relevant wind turbine blade materials.
Glass Biax/adhesive
Glass UD/adhesive
Carbon UD/adhesive
x
xx
Figure 2.5: Dundurs’ parameters in plane strain for selected materials (modified from
Suga et al. [96] and Hutchinson and Suo [43]).
CHAPTER 3
The Effect of Residual Stresses
on the Formation of Transverse
Cracks
Residual stresses in the adhesive layer of a bonded joint can build up during the manu-
facturing process since two pre-manufactured glass fibre laminated shells are produced in
a VARTM process and subsequently bonded by a structural adhesive. During the curing
process, the structural adhesive heats up and shrinks. Since the adhesive is constrained
between stiffer laminates, tensile residual stresses builds up. It is expected that the
main contributors to the residual stress is the chemical shrinkage of the adhesive and
the differences in elastic strains due to mismatch in coefficients of thermal expansion
between the laminate and the adhesive (α1−α2). Often adhesive joints are post cured at
higher temperatures in a subsequent process to enhance certain mechanical properties of
the adhesive [16, 3], but this elevated temperature can increase the magnitude of residual
stresses even further.
Under tensile mechanical straining of the adhesive joint, yy, the propagation of
transverse cracks from small pre-existing voids in the adhesive layer is promoted by
residual stresses. Thus, transverse cracks might propagate due to a combination of
mechanical stresses, σm, and residual stresses, σr, in the adhesive as illustrated in Figure
3.1. It is the purpose to measure the residual stresses in a blade relevant component,
such as the sandwich specimen in Figure 3.1, and use that measurement to determine
the stress at which the first crack propagates and turns into a transverse crack in the
adhesive layer. It is the aim to analyze the initiation and propagation of transverse cracks
from small pre-existing voids in the adhesive under both static and cyclic loadings.
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Adhesive #2
1
h1
2h2
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h
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σr+σm
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Figure 3.1: Sandwich specimen loaded by tensile strains in the y-direction.
Two sandwich specimen configurations with laminates of different type (Laminate
A and Laminate B) will be used for the present study. Both laminates were primarily
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made of uni-directional glass fibres oriented in the y-direction and the stiffness were
comparable. The same type of adhesive was used for all specimens. The exact properties
of the laminates and adhesive are confidential and therefore the results will be presented
in a non-dimensional form.
This chapter is organized as follows. First, a new approach will be presented for
determination of stress in the adhesive at first crack in the sandwich specimen. The
results of a bi-material FE model of the center cracked test specimen will be presented
and included as a part of the approach. Hereafter, the residual stress will be determined
in five different ways. Experimental tests of sandwich specimens loaded in quasi-static
tension will be presented. A model prediction will be compared with the experimental
determination of stress in the adhesive at first crack. Furthermore, the sandwich specimens
will be loaded cyclic and multiple cracking of the adhesive will be studied.
3.1 Introduction of Residual Stress Model
To measure a realistic value of residual stresses in a wind turbine blade joint, the test
specimen must reflect the manufacturing process that is used for adhesive joints in wind
turbine blades in order to ensure that the curing conditions, constraining of the adhesive
and thermal boundary conditions are realistic. Therefore, the sandwich specimen in
Figure 3.1 is a relevant component to analyze in details. It is convenient to relate the
residual stress, σr, to a socalled misfit stress, σT , through a non-dimensional function, q
[23]:
σr = qσT (3.1)
where σT is defined as the stress induced in an infinitely thin film adhered to an infinitely
thick substrate. q is a non-dimensional function accounting for e.g. geometry and elastic
properties. The misfit stress cannot be predicted by modeling - it must be measured
experimentally [23].
A relation between the misfit stress and the residual stress in the adhesive of the
sandwich specimen shown in Figure 3.1 can be derived by equilibrium considerations
(interface perfectly bonded) and by Hooke’s law in plane stress (x-direction) [93]:
σr =
σT
1 + ζ2Σ2
(3.2)
where Σ2 = [E2/(1− ν2)] /[E1/(1− ν1)] and ζ2 = h2/h1 are the parameters for the
sandwich specimen shown in Figure 3.1. The misfit stress, σT , of the adhesive can be
measured in different ways as demonstrated in section 3.4.
3.2 Approach for Determination of Stress in the
Adhesive at First Crack
The approach for determination of stress in the adhesive at first crack, σfc, in static
tensile tests of the sandwich specimen, shown in Figure 3.1, is presented schematic in
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Figure 3.2. The determination of σfc for ”(i) Model prediction” and ”(ii) Experimental
test” will be compared in ”(iii) Comparison”. These three main elements of the approach
will be presented in the next sections.
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Figure 3.2: Approach for determination of stress in the adhesive at first crack, σfc. (i)
Model prediction. (ii) Experimental test. (iii) Comparison.
3.2.1 Model Prediction
It is assumed that the stress level at which first crack of length, 2a, in the adhesive of
the sandwich specimen in Figure 3.2 (i) can propagate, can be predicted by a relation
between the stress in the adhesive at first crack, σfc, and the mode-I critical stress
intensity factor of the adhesive, KIC :
σfc =
KIC√
piaF (a/(h1 + h2), h1/h2, E1/E2, ν1, ν2)
(prediction) (3.3)
which is a relation on a similar form as for the center cracked test specimen presented
by Tada et al. [104]. The non-dimensional function, F , accounts for the geometry and
the stiffness mismatch between the substrates and the adhesive, and it needs to be
determined numerically for this bi-material specimen. KIC of the bulk adhesive should be
measured experimentally. Other inputs for the model prediction are the crack length, 2a,
the thickness ratio, h1/h2, the stiffness ratio, E1/E2, the Poisson’s ratio of the substrate,
ν1, and the Poisson’s ratio of the adhesive, ν2.
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3.2.2 Experimental Test
For the experimental tests of the sandwich specimens (static tensile loading), shown in
Figure 3.2 (ii), the stress in the adhesive at first crack, i.e. the onset of growth of a crack
with length, 2a, is assumed to be the sum of the residual stress, σr, and the mechanical
stress in the adhesive at first crack, σm,fc, as:
σfc = σm,fc + σr (experimental) (3.4)
where σm,fc can be determined based on the measured strain at first crack, m,fc, and
Hooke’s law in plane strain:
σm,fc = E¯2m,fc (3.5)
where E¯2 is the plane strain Young’s modulus of the adhesive. When the residual stress
is determined by (3.2), the stress in the adhesive at onset of first crack can be determined
by (3.4).
3.2.3 Comparison of Model Prediction and Experimental
Test
In order to test the accuracy of the methods (”Model prediction” and ”Experimental test”
in Figure 3.2), a comparison will be made at two different temperatures (23◦C and −40◦C)
according to the last step in the approach i.e. Figure 3.2 (iii). The material properties of
the adhesive (KIC and E2) are taken to depend on temperature, T , meaning that σfc
will be a function of KIC(T ) and E2(T ). Furthermore, the experimental test method in
Figure 3.2 (ii) to determine the stress in the adhesive at first crack experimentally will
be applied on other sandwich specimens in order to test the effect of different parameters
such as post curing temperature, test temperature and laminate thickness.
3.3 Modeling of the Center Cracked Test
Specimen
If a pre-existing crack exists in the adhesive, LEFM with FE simulations can be applied
to predict the propagation of the crack.
3.3.1 Methods
The sandwich specimen in Figure 3.1 is comparable to the center cracked test specimen
presented by Tada et al. [104] where the mode-I stress intensity factor, KI , is given on
the form:
KI = σyy,2
√
piaF (a/h2) (3.6)
where σyy,2 is the stress in the adhesive and 2a is the crack length, see Figure 3.1 and
Figure 3.3. However, the non-dimensional function, F , from Tada et al. [104] is only
valid in absence of elastic mismatch between the substrate and the adhesive i.e. for the
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homogenous specimen. If elastic mismatch is included, the stress intensity factor depends
on additional parameters and (3.6) should be modified to:
KI = σyy,2
√
piaF (a/(h1 + h2), h1/h2, E1/E2, ν1, ν2) (3.7)
The non-dimensional function, F , is determined numerically by the use of a parametric
2D FE model, simulated in Abaqus CAE 6.14 (Dassault Systemes) with eight-noded
plane strain elements.
3.3.2 Results from FE model of the center cracked test
specimen
Finite element results are presented in Figure 3.3 in terms of the non-dimensional function,
F , and for different elastic mismatch, E1/E2. For the homogenous case (E1/E2 = 1.0), F
is compared with the results presented in Tada et al. [104] and the maximum deviation
is 0.81%. The trend in Figure 3.3 is comparable to the partial cracked film problem
from Beuth [11] i.e. F increases with crack length for compliant substrates (E1/E2 . 1)
and decreases with crack length for stiffer substrates (E1/E2 & 4). Note, F → 1.0 for
a/(h1 + h2)→ 0, which is similar to the solution for a center crack in an infinitely large
plate of a homogenous material [104].
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3.4 Determination of Residual Stresses
3.4.1 Methods and Experimental Procedure
In this section, a new approach is presented that allows the residual stress to be determined
in several different ways. The accuracy of four different experimental methods to
measure the residual stresses in the adhesive is tested on a single sandwich test specimen
(laminate/adhesive/laminate) that is instrumented with strain gauges and fiber Bragg
gratings (FBG). Furthermore, FBGs embedded in a symmetric sandwich specimen enable
measuring the residual stresses in the different steps in the bonding process. Method
5 is a theoretical estimate that is based on a measured reference temperature and the
mismatch in coefficients of thermal expansion.
The sandwich specimen is manufactured (Step 1 to Step 3 shown in Figure 3.4) by
applying a structural adhesive between two laminates. The specimens are then cured
and post cured. The contraction of the adhesive in the y-direction is indicated by ∆L
in Figure 3.4 and Figure 3.5. The stresses in Figure 3.4, σyy,1 is compressive and σyy,2
is tensile (σr = σyy,2) since the adhesive contracts under the curing process. The four
different experimental methods are demonstrated on a single sandwich specimen to
determine the misfit stress. Method 1 to 4 that are used to determine the misfit stress
experimentally are presented graphically in Figure 3.5. The four experimental methods
and the theoretical estimate in Method 5 are summarized as:
• Method 1 - based on strains measured by FBG on sandwich specimen.
• Method 2 - based on dial gauge to measure curvature of bi-layer specimen.
• Method 3 - based on strain gauge and FBG to measure curvature of bi-layer
specimen.
• Method 4 - based on strains measured by strain gauge on free laminate.
• Method 5 - based on estimate using a reference temperature.
The principles behind the methods are as follows. After manufacturing, the contraction
of the sandwich specimen is measured by the FBG that is embedded in the sandwich
specimen as shown in Figure 3.5 (Method 1). One of the laminates is removed and the
curvature is measured as shown in Figure 3.5 (Method 2) using a dial gauge. The FBG is
now embedded in the adhesive as shown in Figure 3.5 (Method 3) and the strain signals
from strain gauge, SG1, and FBG are recorded in order to determine the curvature.
Furthermore, strain gauge, SG2, measures a strain on the free laminate as shown in
Figure 3.5 (Method 4). The measured curvatures and strains can be used to determine
the misfit stress in the adhesive using different analytical models that are presented in
Paper P1.
Based on Method 1 to 4 the actual residual stress magnitude in the adhesive is
determined unaffected of the mechanism behind i.e. chemical shrinkage, thermal, creep
or others. In turn, for Method 5 it is assumed that the only contribution to the residual
stress comes from a temperature difference (between curing and test) and the mismatch
in coefficient of thermal expansion. The methods are described in Paper P1, where
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Figure 3.4: Manufacturing procedure. Step 1: Mounting of FBG before injection of the
adhesive. Step 2: After injection of the adhesive, but before curing of the
adhesive. Step 3: After curing of the adhesive.
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the specific equations, manufacturing procedure, instrumentation and test setup are
presented in details. Only Method 5 is presented here for convenience since this misfit
stress result is used for normalization of the measurements by the other methods.
3.4.2 Method 5 - Based on Estimate using a Reference
Temperature
The misfit stress in the adhesive can be estimated based the temperature difference
between a reference temperature, Tr, e.g. the curing or the post curing temperature, and
the current test temperature, Tt [23]. Thus, the misfit stress estimated based on Method
5 is denoted σ∆αT and it can be calculated by:
σ∆αT = ∆αT
E2
(1− ν2) = (α1 − α2)(Tt − Tr)
E2
(1− ν2) (3.8)
where α1 and α2 are the coefficients of thermal expansion of the substrate and the
bulk adhesive, respectively. The misfit strain by Method 5 is denoted ∆αT . If Tr is
assumed to be the peak curing temperature of the adhesive then it can be measured by
a thermo-couple inside the adhesive of the joint. In Method 5, it is assumed that the
chemical shrinkage of the adhesive is zero and all deformation is elastic [23].
3.4.3 Misfit Stress Reference Value
The misfit stress determined by Method 5 (σ∆αT ) is a theoretical estimate. Beside
material properties (α1, α2, E2, ν2) that were measured experimentally in the lab, the
only experimental input to Method 5 is the measured temperatures; TR = 23◦C and
TPC = 50◦C, where TR is the room temperature and TPC is the post curing temperature.
The predicted result by Method 5 for σ∆αT is used as reference value and therefore used
for normalization of the misfit stress measurements obtained by the other methods.
3.4.4 Experimental Results - FBG Strain Measurements
during Manufacturing
During manufacturing, the FBG was measuring a uni-axial straining of the sandwich
specimen. The interpretation of the results in Figure 3.6 (A-B) are: (numbers indicate
manufacturing step according to Figure 3.4 where Step 3 is divided into sub steps)
1. After mounting of the FBG on the laminate.
• FBGs were mounted and the recorded strain (wavelength) was used as reference
for zero since the optical fibre was taken to be stress free.
2. After injection of the adhesive.
• A few minutes after injection of the adhesive, the measured strain increased.
3a. After curing at room temperature (before demoulding).
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• The measured strain decreased after the adhesive had cured at room tempera-
ture for 20 hours.
3b. After demoulding (plates were removed from bonding fixture).
• The measured strain was not affected significantly by demoulding (no trend
identified).
3c. After post curing (the specimens were still in one sandwich plate).
• The measured strain decreased after post curing.
3d. After cutting of the sandwich plate into specimens.
• When the sandwich specimens were cut out from the sandwich plate, the
measured strains decreased.
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All FBG strains were measured at room temperature in the laboratory, but in Step
2 the adhesive had just started to generate exothermal heat. This temperature effect
explains why the measured strain increased for Step 2 in Figure 3.6. The manufacturing
Step 3c (post curing) is identified, based on Figure 3.6, as the step in the manufacturing
process where the primary residual stress builds up. Manufacturing Step 3a (curing at
room temperature) is identified as the second most important step in the manufacturing
step wrt. residual stress.
3.4.5 Experimental Results - Misfit Stress for Method 1 to 5
The misfit stress results determined using Method 1 to 5 are presented in Figure 3.7 for
Laminate A and Laminate B, where Method 1 to 4 is shown graphically in Figure 3.5.
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The results from test series 1.0A, 1.0B, 1.1A and 1.1B in Figure 3.7 are taken from the
last measurement (manufacturing Step 3d) with FBG in Figure 3.6 i.e. for four different
test series (1.0A, 1.0B, 1.1A, 1.1B) with 3-6 samples each.
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Figure 3.7: Misfit stress results determined experimentally by Method 1 to 5.
The misfit stress results from Method 1 and 4, which are based on strain measurements
(FBG and SG2), are lower than the misfit stress results determined by the other methods.
The results from Method 2 and 3 are based on the determined curvature of the bi-layer
specimen, which could be an explanation of the similarity between these results. It is
noticeably that the results from Method 2, 3 and 5 are relatively close and with a small
standard deviation as indicated by the error bars in Figure 3.7.
3.5 The Formation of Transverse Cracks in
Adhesive Joints
Specimens with a layer of structural adhesive sandwiched in between two laminates,
see Figure 3.1, were tested in quasi-static tension. The details of the manufacturing
procedure and experimental test setup can be read in Paper P1. The main results from
the tests will be presented here.
3.5.1 Results for Stress in the Adhesive at First Crack -
Comparison of Prediction with Experimental Tests
Propagation of a crack from a small void in the adhesive of the sandwich specimens was
observed on images taken during the experimental tensile tests e.g. as shown in Figure
3.8. However, crack propagation from the void towards the adhesive-laminate interface
was rapid, and instantaneously the crack propagated across the width of the specimen (in
z-direction). The stress in the adhesive at onset of propagation of first transverse crack
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from a small void, σfc, was determined at temperatures of 23◦C and −40◦C using the
two different methods of the approach in Figure 3.2 i.e. based on ”(i) Model predictions”
and based on ”(ii) Experimental tests”.
The input parameters for the two methods were measured experimentally on the bulk
materials in the laboratory. The material properties of the adhesive were measured at
temperatures of 23◦C and −40◦C on specimens that were manufactured under similar
process conditions as the sandwich specimens. The mode-I critical stress intensity factor,
KIC , was measured by a compact tension test of the bulk adhesive using the standard
”ASTM D5045” at temperatures of 23◦C and−40◦C. The Young’s modulus of the adhesive,
E2, was measured by a dog bone specimen using the standard ”ISO 527-2: 2012” at
temperatures of 23◦C and −40◦C.
(i) Prediction: The stress in the adhesive at first crack of the sandwich specimen
shown in Figure 3.1 can be predicted based on the FE model and equation 3.3. As an
approximation the crack length, 2a, was taken to be the maximum measured void size in
the adhesive of the sandwich specimens. The size of the six largest voids in the adhesive
of the sandwich specimen in Figure 3.8 was measured to an average of a/(h1 +h2) ≈ 0.042
with a standard deviation of ±0.01. Thus, the value of the non-dimensional function,
F , could be determined based on the modeling result in Figure 3.3 to F ≈ 1. Having
determined KIC , F and a, the value of σfc was determined by equation 3.3 and presented
in Figure 3.9.
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Figure 3.8: The sizes of six voids in the adhesive layer of a sandwich specimen loaded
in tension were measured on a photo. (A) Before transverse cracking. (B)
After transverse cracking.
(ii) Experimental test: For experimental tests of two series of sandwich test specimens
(23◦C and −40◦C), the stress in the adhesive at first crack, σfc, was taken to be the
sum of the residual stress and the mechanical stress as shown in equation 3.4. For the
experimental tests, σm,fc was determined based on the measured mechanical strain from
the clip gauge, m,fc, using equation 3.5. The misfit stress was determined at 23◦C by
Method 2 and at −40◦C by Method 5 (section 3.4.2). Thus, the residual stress, σr, could
be determined based on equation 3.2 and finally σfc could be calculated by equation 3.4.
This experimental result are presented in Figure 3.9.
(iii) Comparison: A comparison between the predicted results and the experimental
results for σfc at temperatures of 23◦C and −40◦C is presented in Figure 3.9. It was
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Figure 3.9: Results for stress in the adhesive at first crack for temperatures of 23◦C and
−40◦C. Benchmark of prediction with experimental test results using the
approach in Figure 3.2.
a hypothesis that equation 3.3 could be used to predict σfc although the FE model
was developed for an infinitely sharp start-crack based on LEFM whereas the shape
of the pre-existing cracks in the adhesive layer of the sandwich specimens were more
uncertain. However, this hypothesis cannot be rejected since the error bars for the
”Experimental” and ”Prediction” in Figure 3.9 overlaps i.e. the prediction is close to
the experimental results for both 23◦C and −40◦C. Since results from two independent
methods determined at two very different temperatures are consistent, the methods seems
to be promising for the determination of σfc for the sandwich specimens. Therefore, in
the next sections, the experimental method in Figure 3.2 (ii) is applied to investigate
the effect of different parameters (post curing temperature, test temperature, laminate
thickness) on the magnitude of σfc.
3.5.2 Results from Tensile Tests of Sandwich Specimens
under Quasi-Static Loading
The effect of post curing temperature on the stress in the adhesive at first crack of the
adhesive joint was tested experimentally under quasi-static loading using the sandwich
specimen shown in Figure 3.1. The sandwich specimens were post cured at 50◦C, 70◦C,
and 90◦C for 24 hours. The misfit stresses for the corresponding post curing temperatures
were determined using bi-layer specimens cut out from the same plate as the sandwich
specimens. The residual stress, σr, was then calculated based on equation 3.2. The
determination of residual stress and the experimental test setup for testing the sandwich
specimens can be read in details in Paper P1.
The results for the stress in the adhesive at first crack are presented in Figure 3.10
(A) for different post curing temperatures. From the results presented in Figure 3.10 (A),
it is seen that with increasing post curing temperature, the stress in the adhesive at first
crack decreases in a nearly linear manner. This trend can to some extend be explained
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by an increase in residual stresses since the residual stresses increased with increasing
post curing temperature. The residual stress, σr, was determined to approx. 8-14 % of
σfc in the tests with different post curing temperature.
The results, presented in Figure 3.10 (B) show that as the test temperature decreases,
the stress in the adhesive at first crack decreases. This trend can also (to a certain
extend) be explained by an increase in residual stresses. Since the magnitude of σfc
differs for the different tests, the fracture toughness of the adhesive is most likely affected
by the low temperatures (or the high post curing temperatures). The residual stress, σr,
was determined to approx. 25-40 % of σfc in the low temperature tests.
The results for the stress in the adhesive at first crack for laminate thickness of
h1/h2 = 0.45, h1/h2 = 0.65, and h1/h2 = 0.85 are presented in Paper P1. The main
finding was that the effect of laminate thickness on the stress in the adhesive at first
crack was small for the configurations tested.
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Figure 3.10: Results from static tensile tests for the stress in the adhesive at first crack
of the sandwich specimens. (A) The effect of post curing temperature. (B)
The effect of test temperature.
3.5.3 Results from Tensile Tests of Sandwich Specimens
under Cyclic Loading
The effect of laminate thickness on the cycles to first crack in the adhesive layer of the
sandwich specimens with Laminate B were tested for three configurations (h1/h2 = 0.45,
h1/h2 = 0.65, and h1/h2 = 0.85). The residual stress in the adhesive of the sandwich
specimen was determined from the misfit stress measurement by Method 2 and by
equation 3.2. The residual stress increased the mean stress in the adhesive, but not
the stress amplitude. This means that the residual stress increased the load R-ratio
(R = σmin/σmax) experienced by the adhesive from R = 0.1 to R ≈ 0.22− 0.30 for the
present tests.
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The maximum mechanical strain, m,max, applied in the fatigue test is normalized by
the average mechanical static strain at first crack, ¯m,st, and the numbers on the second
axis in Figure 3.11 are removed due to confidentiality. It is shown in Figure 3.11 (by
the triangles) that the number of cycles for the first transverse crack to initiate in the
adhesive of the sandwich specimen is comparable for the different laminate thickness
tested (h1/h2 = 0.45, h1/h2 = 0.65, and h1/h2 = 0.85). This suggests that crack initiation
in the adhesive is primarily driven by stress level and defect size, and less sensitive to
the thickness of the laminate. A tendency of the subsequent cracks in the adhesive is
difficult to identify. However, it seems like the transverse cracks appears earlier for the
smaller ratios of h1/h2. The results in Figure 3.11 show that multiple transverse cracks
in the adhesive developed in a stable manner and were measurable.
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Figure 3.11: Transverse crack measurements from fatigue tests of sandwich specimens
with different thickness of laminates. The orientation of the triangles
indicate first crack in the adhesive for h1/h2 = 0.45, h1/h2 = 0.65 and
h1/h2 = 0.85. Dots indicate multiple cracks from Crack 2 and onwards.
3.6 Conclusions
Prediction of stress in the adhesive at first crack in the sandwich specimen loaded in
tension (using a new bi-material FE model) were found to agree well with experimental
results obtained at temperatures of 23◦C and −40◦C. Dependent on the test temperature
and processing conditions, the residual stress was determined to ∼8-40% of the stress in
the adhesive at first crack of the sandwich specimens meaning that the residual stresses
were relatively significant. The cyclic loaded tests confirmed that the design of the
sandwich specimen was damage tolerant since multiple cracks in the adhesive developed
in a stable manner.
CHAPTER 4
Tunneling Cracks in Adhesive
Bonded Joints
Tunneling cracks have been modeled extensively through the last three decades using the
concepts of LEFM [100, 43, 41, 97, 98, 6, 10]. From a modeling perspective, tunneling
cracks are closely related to channeling cracks in thin films [105, 11, 108, 107, 9]. As
introduced in the state of the art literature in section 1.3, one of the first models of a
single tunneling crack embedded in-between two substrates were developed using 2D FE
simulations and LEFM by Ho and Suo [100, 41].
Material orthotropy of the substrates and the adhesive layers can also be accounted
for using FE simulations as demonstrated by Yang et al. [115] and Beom et al. [10].
In the work of Beom et al. [10], orthotropy was only modeled for the adhesive layer
meaning that the tunneling crack model was limited to isotropic substrates of infinitely
thickness. In a wind turbine blade joint the adhesive can be assumed isotropic, but the
substrates are laminates of finite thickness manufactured of several layers of different
types of materials. These materials are typically uni-directional (UD) and bi-axial (Biax)
glass fibre reinforced laminates that can be assumed to be orthotropic.
This chapter is organized in two main sections. The first section covers a numerical
study of a tunneling crack in a wind turbine blade joint with focus on the effect of
embedding a buffer-layer to reduce the tunneling crack energy release rate. In the second
section, the tunneling crack model will be included in a novel approach to predict the
cyclic crack growth rate for tunneling cracks propagating across the adhesive layer of a
wind turbine blade joint.
4.1 The Effect of a Buffer-layer on the Propagation
of a Tunneling Crack
A trailing-edge joint in a wind turbine blade consists of an adhesive layer constrained
in-between stiffer laminates as shown in Figure 4.1. Observations from this joint loaded
in tension show that cracks may initiate at the free-edge and propagate through the
adhesive layer as a tunneling crack constrained by the laminates. A potential way to
prevent tunneling crack propagation across the adhesive layer of the joint is to add a
new layer, called a buffer-layer, near the adhesive and control the stiffness- and thickness
of this layer in order to reduce the steady-state energy release rate.
Therefore, the objective is to study the effect of in-plane stiffness, E¯i, and thickness,
hi, on the steady-state energy release rate for a structural adhesive joint with material
properties that are realistic for wind turbine blade joints. More specifically, it is the aim
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Figure 4.1: (A) Trailing-edge joint with a tunneling crack propagating across the adhesive
layer in z-direction. (B) Photo of a tunneling crack in a trailing-edge wind
turbine blade joint. (C) Typical layers in a laminate of a trailing-edge joint.
to determine the effect of a buffer-layer on the steady-state energy release rate for an
isolated tunneling crack in the adhesive layer. This should lead to design rules for an
improved joint design.
The design idea of embedding a buffer-layer for improvement of the joint is novel,
but the implications and effects of this buffer-layer needs to be investigated. Therefore,
a new symmetric tri-material FE model is developed for the purpose with the geometry
presented in Figure 4.2, where h1 is the thickness of the substrate, 2h2 is the thickness of
the adhesive and h3 is the thickness of the buffer-layer. E2 is the Young’s modulus of
the adhesive.
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Figure 4.2: (A) Bi-material model. (B) Tri-material model.
The material properties used in the study are presented in Table 4.1 and are compara-
ble to the values provided by Leong et al. [58] for Glass Biax and Glass UD and by Yang
et al. [112] for Carbon UD, see also section 2.3.1. For the substrate i = 1 and for the
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buffer-layer i = 3 according to Figure 4.2. The Poisson’s ratio is set to ν1 = ν2 = ν3 = 1/3
meaning that Dundurs’ second parameter is β = α/4 in plane strain. The bi-material
properties in Table 4.1 for αi2 and βi2 are characterizing the elastic mismatch between
the substrate and the structural adhesive.
Isotropic Orthotropic
Material name αi2 βi2 λ ρ αi2 βi2 λ ρ
Glass Biax 0.54 0.13 1.00 1.00 0.54 0.13 1.00 0.67
Glass UD 0.85 0.21 1.00 1.00 0.85 0.21 0.26 1.62
Carbon UD 0.94 0.23 1.00 1.00 0.94 0.23 0.11 2.69
Table 4.1: Material properties for ”blade relevant materials”. For αi2 and βi2, material
#2 is a typical structural adhesive.
4.1.1 Methods - Finite Element Modeling of a Tunneling
Crack
Typically, tunneling cracks initiate from a penny shaped flaw or an edge defect [41].
When the tunneling crack in Figure 4.1 (A) reaches a certain length from the edge
(in z-direction), the energy release rate becomes steady-state. The general problem of
steady-state tunneling cracking was analyzed by Ho and Suo [41, 100]. The steady-state
energy release rate of a tunneling crack, Gss, can be determined by [41, 100]:
Gss = 12
σyy,2
2h2
∫ +h2
−h2
δcod(x)dx (4.1)
where σyy,2 is the far field stress in the cracked adhesive layer and δcod(x) is the crack
opening displacement profile for the plane strain crack. In this work, δcod(x) will be
determined by a 2D FE model with eight-noded plane strain elements simulated in
Abaqus CAE 6.14 (Dassault Systemes). Numerical integration will be used to evaluate
the integral in (4.1).
Alternatively, for the elementary case of a central crack in a homogenous and infinitely
large plate, i.e. a Griffith crack [28] with α12 = 0.0 and h1/h2 →∞, the crack opening
displacement can be determined by [100]:
δcod =
4σyy,2
E¯2
√
(h22 − x2) (4.2)
Inserting equation 4.2 into equation 4.1 gives [41, 100]:
Gss = pi4
σ2yy,22h2
E¯2
(asymptotic limit) (4.3)
This asymptotic limit, established by Ho and Suo [41, 100], is representing the mode-I
steady-state energy release rate of a tunneling crack in a homogenous structure with
infinitely thick substrates. Therefore, it is convenient to normalize other energy release
rate results with this elementary case i.e. [(σ2yy,22h2)/(E¯2)].
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4.1.2 Results from Finite Element Modeling
Finite element results are presented in Figure 4.3 and compared with the modeling
results by Ho and Suo [41] in order to test the accuracy of the model implementation.
For α12 = 0.0 in Figure 4.3 (A), the deviation between the numerical solution and
the asymptotic limit (Ho and Suo [41]) of pi/4 in equation 4.3 is less than 0.3% when
h1/h2 ≥ 6.0. The trend of the modeling results in Figure 4.3 (B) is that the steady-state
energy release rate, Gss, decreases with increasing substrate stiffness and -thickness. The
maximum deviation between the curve for h1/h2 = 2.0 in Figure 4.3 (B) and the modeling
results by Ho and Suo is below 2%.
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The bi-material model in Figure 4.2 (A) is extended by embedding a buffer-layer,
named #3 in Figure 4.2 (B), to investigate the effect of buffer-layer stiffness and -thickness
on Gss. For the tri-material model, design curves are presented in Figure 4.4 where α32
is varied for different h3/h2 and α12. The design curves in Figure 4.4 for each stiffness
mismatch, α12, intersect at a specific point, namely the ”point of intersection” (PoI) that
is marked with ”X” in Figure 4.4. On the right hand side of the ”point of intersection”
(α32 > PoI), it is advantageous to increase the buffer-layer thickness. In turn, on the
left hand side of the ”point of intersection” (α32 < PoI), it is advantageous to decrease
the buffer-layer thickness. It can also be seen in Figure 4.4 that with increasing α12 the
”point of intersection” moves to the right (to a larger α32 value).
Another study with the tri-material FE model is presented in Figure 4.5. The
substrates are modeled as both isotropic and orthotropic with the properties in Table 4.1
in order to investigate the effect of material orthotropy on Gss. Glass Biax and Carbon
UD are used as buffer-layers in the study and the properties of the basis substrate are
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Figure 4.4: Steady-state energy release rate results from a symmetric tri-material FE
model with isotropic materials and selected parameters fixed: βi2 = αi2/4,
h1/h2 = 1.0. Substrate stiffness mismatch of: (A) α12 = −0.5, (B) α12 = 0.0,
(C) α12 = 0.5 and (D) α12 = 0.9.
taken from Glass UD. As shown in Table 4.1, the stiffness of Glass Biax is lower than
the stiffness of the substrate (Glass UD), whereas the stiffness of Carbon UD is higher
than that of the substrate (Glass UD).
In the first case, the stiffness of the substrate is comparable to a uni-directional glass
fibre reinforced laminate and the stiffness of the buffer-layer is similar to a glass fibre
reinforced bi-axial laminate according to the material properties for Glass UD and Glass
Biax in Table 4.1. The buffer-layer thus has a lower stiffness than the (original) substrate.
Figure 4.5 shows that an increase of h3 increases Gss although the total thickness of the
substrate (h1 + h3) increases. This can be explained by the stiffer substrate is moved
further away from the tunneling crack tip and by the lower stiffness of the buffer-layer
closest to the adhesive that is reducing the constraint. The effect of material orthotropy
when Glass Biax is used as buffer layer is small (below 2%).
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The FE model is simulated with α12 = 0.85 and βi2 = αi2/4. For the model
with the less stiff Glass Biax (isotropic): α32 = 0.54, and for model with the
stiffer Carbon UD (isotropic): α32 = 0.94.
For the second case, presented in Figure 4.5, the in-plane stiffness of the buffer-layer
is increased meaning that the stiffness is comparable to that of a unidirectional carbon
fibre reinforced laminate with material properties of Carbon UD in Table 4.1. In this
case, the stiffness of the buffer-layer is higher than the stiffness of the substrate. The
thickness of the buffer-layer, h3, is varied, which shows that an improved design for
reducing Gss would be to embed a thick- and stiff layer closest to the adhesive. The effect
of material orthotropy when Carbon UD is used as buffer layer is relatively small (below
7%), whereas the largest difference between buffer-layers of Glass Biax (isotropic) and
Carbon UD (isotropic) in Figure 4.5 is about 18%.
The results in Figure 4.5 can also be used to determine the best compromise between
buffer-layer thickness, -stiffness and -price since too many carbon layers would be costly
in comparison with the constraining effect achieved. However, adding carbon layers to an
already stiff uni-directional glass fibre laminate will only decrease Gss by approx. 5-6%
(for the isotropic case) according to Figure 4.5. Instead, from a practical point of view, it
is more beneficial to decrease the adhesive thickness, 2h2, since Gss scales linearly with
2h2 when all other non-dimensional parameters are kept fixed.
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4.2 Prediction of Crack Growth Rates for Tunneling
Cracks
A generic tunneling crack tool is presented for the prediction of crack growth rates for
tunneling cracks propagating across a bond-line in a wind turbine blade under high cyclic
loadings. The main input to the tool is the mode-I Paris law for the adhesive that is
measured experimentally in the laboratory using a moment-loaded double cantilever
beam specimen. Another input is the residual stresses in the adhesive that are determined
from measured curvature of bi-layer specimens. Additionally, the generic tunneling crack
tool takes input from blade geometry, -loads, and -constitutive properties, see Figure
4.6. Here, the dashed square at position z = ai(Ni) shows the crack configuration that is
analyzed using a plane strain condition (in z-direction) and LEFM modeling. To apply
Dundurs parameters (α, β) in the x-y plane [21, 20], it is also a prerequisite that the
materials are isotropic, linear-elastic and deformations are planar i.e. either plane stress
or plane strain. These prerequisites are satisfied for the sandwich in Figure 4.1 (B) if the
adhesive and laminates are assumed isotropic, linear-elastic and the tunneling crack has
reached a certain length from the edge (in z-direction) i.e. the crack propagates under
steady-state conditions.
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Figure 4.6: Tunneling crack configuration in the trailing-edge joint.
In order to demonstrate the applicability of the tool, model predictions are compared
with measured crack growth rates from a full scale blade tested in an edgewise fatigue
test in the laboratory. Tunneling cracks in the adhesive layer of the trailing-edge joint
are monitored as they propagate under excessive high cyclic loadings.
4.2.1 Approach
The tunneling crack tool takes the local -stiffness and -geometry input from blade
models/measurements including the mechanical stress, σm, and the residual stress, σr, in
the adhesive, see e.g. Figure 3.1. In the real structural blade application shown in Figure
4.6, these many parameters depend on the crack tip location (y, z). This dependence
on (y, z) for each tunneling crack complicates the modeling significantly. Therefore, the
mode-I steady-state energy release rate, Gss, for a single isolated tunneling crack, shown
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in Figure 4.6, should be determined by [41]:
Gss(y, z) = [σm(y) + σr(y, z)]
22h2(y, z)
E¯2
f [α(y, z), β(y, z), h1(y, z)/h2(y, z)] (4.4)
where subscripts 1 and 2 refer to substrate and adhesive, respectively. f is a non-
dimensional function that is determined by 2D FE simulations. Since the loading is
cyclic, Gss varies in between a minimum and a maximum value that are denoted Gminss
and Gmaxss , respectively. Gminss and Gmaxss are converted to a cyclic stress intensity factor
range, ∆K, using an analytical model and the Irwin relation [45] in equation 2.1. The
tunneling crack modeling results, the measured residual stresses and the measured Paris
law for the adhesive are combined in the approach in Figure 4.7 to predict the crack
growth rate for each tunneling crack along the length of the blade section. The steps of
the approach, presented in Figure 4.7, are summarized:
(i) DCB: Double cantilever beam specimen fatigue tested in laboratory to measure
Paris law (da/dN , ∆K) for a mode-I crack in the adhesive.
(ii) Bi-layer: Residual stress (σr) determination in the adhesive of the joint using misfit
stress (σT ) that is determined by measuring the curvature of bi-layer specimens.
(iii) Blade: Characterization of geometry (h1, 2h2), crack length for each crack (ai),
cycles for each crack (Ni), constitutive properties (E1, E2, ν1, ν2), and mechanical
stresses (σminm , σmaxm ) from blade inspection/model, CAD model, aero/FE model or
similar.
(iv) Modeling: Tunneling cracks modeled using finite elements to determine ∆Ki as
a function of blade geometry/properties, mechanical stress, and residual stress
(h1, 2h2, E1, E2, ν1, ν2,∆σm, σr) for each tunneling crack configuration (ai, Ni) de-
pendent on location (y, z).
(v) Blade prediction: Prediction of dai/dNi for each tunneling crack in the blade using
∆Ki from tunneling crack model and Paris law (da/dN) for the adhesive that is
measured by a DCB test in laboratory. Note, F is a function that relates ∆K with
da/dN .
The methods and results for step (i) to step (iv) in the above list are presented in
details in Paper P3. The main results determined in step (i) and step (v) in the approach
in Figure 4.7 are presented next and compared with cyclic crack growth rates measured
on the trailing-edge joint of the full scale blade tested in the laboratory. The generic full
scale research blade was loaded excessively high in the fatigue test in order to propagate
the tunneling cracks.
4.2.2 Results
For the prediction of cyclic tunneling crack growth rates on the blade, the parameters
for the mode-I Paris law of the adhesive were measured by a cyclic moment-loaded DCB
specimen. The Paris law for the adhesive were measured for different load R-ratio and
presented in Figure 4.8. The Paris law parameters (C, m) were determined by a least
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Figure 4.7: Approach for the prediction of tunneling crack growth rates.
square fit to the measured data points in the log-log space (∆K, da/dN) on the form
given by [69, 73]:
da/dN = C(∆K)m (4.5)
The best fit in Figure 4.8 was used to determine the parameters C and m. The upper-
and lower fit gave the upper- and lower bounds for da/dN as shown in Figure 4.8 by the
dashed and dotted lines, respectively. The mode-I Paris law for the adhesive was found
to be comparable to those published for epoxy resin systems [50, 14, 12, 53].
Tunneling crack growth rates were predicted using the approach in Figure 4.7 and
presented in Figure 4.9 together with the measured crack growth rates on the trailing-edge
joint from the full scale test of the full scale test blade. The dashed lines in Figure 4.9
indicate the upper limits and the dotted lines the lower limits for the uncertainty of the
predictions based on the corresponding bounds in Figure 4.8 from the DCB test. The
da/dN predictions and measurements are normalized by the average thickness of the
adhesive measured on the blade section, 2h¯2.
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The predicted crack growth rates vary relative to crack location (y, z) due to the
variations in the parameters α, h1/h2, ∆σm and σr. However, the variation of ∆σm is
small meaning that the cyclic stress state of each individual tunneling crack is similar.
On the other hand, the effect of σr on da/dN is significant. The crack growth rates
measured individually for each tunneling crack in the blade are similar, which can be
explained by the small variations in load levels and geometry along the blade section. As
shown in Figure 4.8 and elaborated in Paper P3, the slope of the Paris law was relatively
steep meaning that the resulting crack growth rates were sensitive to small variations
in loadings. Thus, the main uncertainty comes from the measured Paris law for the
adhesive.
The crack growth rates predicted on the blade joint falls above and below the crack
growth rates measured on the blade. The crack growth rates predicted without including
residual stress are closest to the crack growth rates measured on the blade. The inclusion
of residual stress increased the level of the stress intensity factor range since the R-ratio
changed from R = −1 to between R ≈ 0.3 and R ≈ 0.5. Therefore, the inclusion of
residual stress increased da/dN as shown in Figure 4.9. The influence of this effect is
elaborated in Paper P3.
4.3 Conclusions
It was found advantageous to embed a stiff buffer-layer near the adhesive with controllable
thickness- and stiffness properties in order to improve the joint design against the
propagation of tunneling cracks. However, for wind turbine blade specific materials, this
effect was found to be relatively small since the substrate to adhesive stiffness mismatch
was already high. Instead, it was proposed to reduce the thickness of the adhesive layer
since this parameter had a higher effect on the steady-state energy release rate of the
tunneling crack.
The tunneling crack growth rates predicted with- and without accounting for the
residual stress in the adhesive were interpreted as upper- and lower-bounds for the crack
growth rates in the wind turbine blade joint. The crack growth rates, measured for a
several metre long section along the trailing-edge joint during an edgewise fatigue test,
were found to be in-between the upper- and lower-bound predictions. This suggests
that the tunneling crack tool can predict crack growth rates for tunneling cracks in a
trailing-edge joint of a wind turbine blade sufficiently accurate.
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CHAPTER 5
Crack Deflection at Interfaces
in Adhesive Bonded Joints
If it is assumed that the bond-line of an adhesive joint contains pre-existing defects
then a crack might be able to initiate and evolve into a transverse crack in the adhesive.
After a small crack is formed in the adhesive, the typical cracking sequence is as shown
schematically in Figure 5.1. The main crack in the adhesive propagates towards the
adhesive/laminate interface (Figure 5.1 (A)). The main crack might reach the interface
(Figure 5.1 (B)) or initiate a new crack at the adhesive/laminate interface (Figure 5.1
(C)). If the crack reaches the interface it may stop here (Figure 5.1 (B)), but it can
also penetrate into the laminate (Figure 5.1 (D)) or deflect along the adhesive/laminate
interface (Figure 5.1 (E)).
(A) (C)
(B)
interface (E)
(D)
#1
#2
#1
x y
adhesive
laminate/
substrate
yyσ
εyy εyy
x yz
εyy
εyy
Trailing- 
edge joint
Leading- 
edge joint
Web joints
main crack
debond crack
crack penetration
crack deflection
Figure 5.1: Crack deflection mechanisms in adhesive joints for wind turbine blades.
One of the first models for the cracking mechanism in Figure 5.1 (C) were developed by
Cook and Gordon [18]. A stress based criterion (Cook-Gordon criterion) was established
for an elliptical shaped crack in a homogenous solid. The Cook-Gordon deflection criterion
states that the interface will fail if the interface strength is less than about 1/3 to 1/5 of
the bulk material strength.
Later, a fracture mechanics based approach was applied to predict crack deflection
for the cracking mechanism in Figure 5.1 (B), by introducing an infinitesimal small crack
at the interface and in the substrate [40, 38, 106]. In absence of elastic mismatch, the
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deflection criterion states that the interface-to-substrate toughness ratio should be one
fourth or less for the crack to deflect.
Modeling the deflection of a crack meeting an interface were, at first, based on either
stress [18, 31] or energy [40, 38, 30, 62, 106]. The stress based and fracture mechanics
based approach can be unified using a cohesive law combined with cohesive zone FE
modeling [72, 70, 95, 13, 2, 1]. The cohesive law can be measured experimentally, e.g. by
the J-integral approach [59, 88, 89, 7, 27]. Alternatively, Mohammed and Liechti [66]
measured the cohesive law parameters for an aluminum-epoxy bi-material interface using
an iterative calibration procedure where cohesive zone modeling by FE simulations were
combined with measurements from an experimental test of a four-point bend specimen.
It was demonstrated in the literature that crack deflection at interfaces can be modeled
using approaches based on stress, fracture energy or cohesive zone modeling. In turn,
rigorous experimental tests of crack deflection at interfaces, where the crack deflection
process is clearly documented, are limited [57]. Therefore, it is desired to design a robust
experimental test setup in order to study the problem of crack deflection at interfaces.
This chapter is organized as follows. First an experiment will be designed using
analytical/numerical models in order to test crack deflection at interfaces. Hereafter,
experimental tests will be used to test crack deflection and a new approach will be applied
to measure the cohesive strength of a bi-material interface. Lastly, these measurements
will be discussed in relation to existing results from the literature.
5.1 Design of Four-point SENB Specimens with
Stable Crack Growth
In order to investigate crack deflection at interfaces experimentally, the four-point single-
edge-notch-beam (SENB) specimen in Figure 5.2 is selected like in the studies by Zhang
and Lewandowski [117]. However, in their experiments, crack propagation was unstable
and crack deflection could only be seen as a sudden decrease in the measured moment.
Therefore, further investigations are needed in order to design the experiment such
that the crack in the displacement-loaded four-point SENB specimen grows stable in
mode-I. This means that for the bi-material four-point SENB specimen in Figure 5.2, it
is necessary that the crack can propagate stable towards the interface in order to enable
observation of the crack deflection mechanism.
P/2 P/2
c
Bh
a
y
xb
#1
#2
substrateinterface
adhesive
Figure 5.2: Bi-material four-point SENB specimen (here shown with fixed load, P ).
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The parameters defining the bi-material four-point SENB test specimen geometry are
presented in Figure 5.2 and can be written on a non-dimensional form as; a/b, h/b, B/b
and c/b, where a is the actual crack length, h is the horizontal distance between load
point and main crack, B is the horizontal distance between load- and support point and
c is the substrate thickness. Furthermore, a0 is the start-crack length, b is the thickness
of the adhesive layer and δ is the load point displacement.
The models and methods will developed for a class of materials that satisfy LEFM
assumptions (isotropic, linear-elastic material and small plastic zone size and small
fracture process zone at crack tip compared with crack length), see also section 2.2. The
general condition for stable crack growth in equation 2.5 in a perfectly brittle material
can be specified for fixed displacement loading (fixed grip) as:[
∂GI
∂a
]
δ
< 0 (5.1)
where δ is the displacement at the force/grip. Thus, the mode-I energy release rate, GI ,
must decrease with crack length for the crack to propagate stable.
5.1.1 The Homogenous Four-Point SENB Specimen
The homogenous four-point SENB specimen in Figure 5.3 is a special case of the bi-
material specimen where c/b = 0. Since it is a simpler specimen than the bi-material
version, it can be used to clarify the effect of different parameters in a convenient way. An
analytical model of the homogenous four-point SENB specimen, loaded by displacements
(fixed grip), is derived since the experimental tests are controlled by fixed grip and
analysis of this is not available in the literature.
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Figure 5.3: Homogenous four-point SENB specimen (here shown with fixed load, P ).
The model was derived in Paper P4 based on the work of Tada et al. [104] and the
assumptions from LEFM and Bernoulli-Euler beam theory. Thus, an expression for the
mode-I energy release rate, GI , as a function of applied displacement, δ, is:
GIb
E¯δ2
= pi ab
B2
3
2
F (a/b)[
B
b
+ 3h
b
+ 35
b
B
ν¯ + 3S(a/b)
]
2 (5.2)
where E¯ = E/(1− ν2) and ν¯ = 1/(1− ν) is for plane strain, and E = E¯ and ν¯ = (1 + ν)
is for plane stress. F (a/b) and S(a/b) are non-dimensional functions that can be found
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in the work of Tada et al. [104] or Paper P4. Note, in displacement control the energy
release rate is coupled to the applied displacement through the elastic constants and the
geometrical parameters according to equation 5.2.
A FE model is used to test the accuracy of the analytical derivation of the energy
release rate for the homogenous four-point SENB specimen. The FE model, simulated
in Abaqus CAE 6.14 (Dassault Systemes) with eight-noded plane strain elements, is
parametrized with the non-dimensional groups; a/b, h/b and B/b. A symmetry condi-
tion is imposed along the vertical center line at x = 0 (see Figure 5.2) to reduce the
computational time. A focused mesh is applied in the region of 0.5b in the x-direction of
the beam and 100 elements are used over the distance b.
The curves for energy release rate of the crack in the SENB specimen under fixed
grip loading (displacement control), presented in Figure 5.4, start from zero at a/b = 0,
increase to a peak and finally decrease to zero again at a/b = 1. Thus, GI → 0 when
a/b → 1 since the crack approaches a free surface and the load is applied with fixed
displacements. The largest difference observed in Figure 5.4 between the results of the
analytical- (red lines) and the numerical model (red symbols) is for the short and thick
specimen (h/b = 0.5) loaded in displacement control. When h/b is relatively large, the
results of the analytical model (red lines) are close to the results from the numerical
model (red symbols) as shown in Figure 5.4. As h/b decreases, i.e. the specimen becomes
more compact, the analytical derivation becomes inaccurate.
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Figure 5.4: Energy release rate results determined by the plane strain FE model and
the analytical model for different h/b and a/b for displacement control with
B/b = 2.0, E1/E2 = 1.0, ν = 1/3 (lines are analytic results; symbols are FE
results).
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It is the aim to design the test specimen such that the criterion for stable crack growth
in equation 5.1 is satisfied. From Figure 5.4 it is seen that equation 5.1 is fullfilled when
a exceeds a critical value, denoted (a/b)peak. The crack grows stable if the start-crack
length is a0/b ≥ (a/b)peak hence the energy release rate decreases with crack length in
accordance with (5.1). It is desired that (a/b)peak is as small as possible such that the
crack can grow stable for a long distance before reaching the free surface. This is to
enlarge the design space with stable crack growth. As an example, take the curve for
h/b = 1.0 in Figure 5.4 where (a/b)peak ≈ 0.5. For this case, the start-crack length should
be a0/b ≥ 0.5 for the crack to propagate stable as exemplified in Figure 5.4.
5.1.2 The Bi-material Four-Point SENB Specimen
A function similar to F (a/b) from Tada et al. [104] can be established for the bi-material
four-point SENB specimen in Figure 5.2 to account for the presence of a substrate with
thickness, c and Young’s modulus, E1. Thus, for the bi-material specimen in load control
and with the adhesive and the substrate assumed isotropic:
GI =
1
E¯2
σ2xxpiaF (a/(b+ c), c/b, E1/E2)2, σxx =
ME2Ω
E1I1 + E2I2
(5.3)
where subscript 1 and 2 represent the substrate and adhesive, respectively. As shown in
Figure 5.5, Ω is the distance from the bottom of the beam and to the global neutral axis
of the beam (in the beam specimen without crack) [101]. I1 and I2 are the local area
moment of inertia for the substrate and adhesive, respectively:
I1 =
c3
12 + c
(
c
2 + b− Ω
)2
, I2 =
b3
12 + b
(
Ω− b2
)2
, Ω = c
1 + 2E1
E2
c
b
+ E1
E2
(
c
b
)2
2 c
b
(
1 + E1
E2
c
b
) (5.4)
The function, F , in equation 5.3 is determined as shown in Figure 5.5 by FE simulations,
which is compared with the solution by Tada et al. [104] for E1/E2 = 1. It can be
seen that when a/(b + c) → 0 then F (a/(b + c)) → 1.12 (independently of elastic
mismatch). This limit is similar to the solution for a side-crack in an infinitely large
homogenous plate under uni-directional tension [104, 24]. The trend in Figure 5.5 is
comparable to the partial cracked film problem from Beuth [11]. For compliant substrates
(E1/E2 . 3), F increases monotonic with increasing crack length, whereas for stiffer
substrates (E1/E2 & 9), F reaches a peak and subsequently starts decreasing (close to
a/(b+ c) = 0.8).
Dimension analysis reveals that the energy release rate of the crack for the bi-material
specimen presented in Figure 5.2 can, when loaded in displacement control, be written
as:
GI(b+ c)
E¯2δ2
= 9pi4
a(b+ c)
B2
Fδ(a/(b+ c), h/b, B/b, c/b, E1/E2)2 (5.5)
where the non-dimensional function, Fδ, is determined numerically. Fδ is introduced as a
numerical function since it is out of the scope to derive an expression analytically for the
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bi-material specimen like in equation 5.2 for the homogenous specimen. To determine
a start-crack length, a0/b, that gives stable crack growth, the requirement in equation
5.1 needs to be satisfied for the results of the bi-material FE model in Figure 5.6. From
Figure 5.6 it is also clear that an increase of the substrate stiffness (E1/E2), increases the
energy release rate when the load is applied in fixed grip. The effect of elastic mismatch
on the magnitude of (a/b)peak is more complex and investigated further in Paper P4.
5.2 Experimental Test of Crack Deflection at
Interfaces in Adhesive Joints
The four-point SENB specimen, shown in Figure 5.7, was analyzed in the last section
since it was found that the first derivative of the mode-I energy release rate of the main
crack depends on load conditions, geometry, and stiffness mismatch. For the experimental
tests, presented in this section, the parameters h/b = 0.9 and B/b = 1.35 were utilized,
and the bi-material specimens were manufactured such that 0.2 ≤ c/b ≤ 0.3.
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Figure 5.7: The bi-material four-point SENB test specimen geometry with symbols
describing the geometry.
To enable observations of the crack deflection mechanism, the main crack should grow
in a stable manner towards the interface meaning that the energy release rate of the
main crack must decrease with crack length according to the requirement in equation
5.1. Using this criterion, the start-crack length is determined in Figure 5.6 based on FE
simulations dependent on elastic mismatch, E1/E2, and substrate thickness, c/b. Thus,
for the four-point SENB specimens with E1/E2 = 1.0 and E1/E2 = 10.0, the start-crack
length should approx. be a0 & 0.65.
5.2.1 Test Setup and Manufacturing of Four-point SENB
Specimens
Different groups of four-point SENB specimens were manufactured as illustrated in Figure
5.8. Here, only procedure (and results) for two groups, test series A and test series D,
will be presented. The manufacturing procedure is elaborated in Paper P5 where the
other types of test series are presented as well. The specimens of test series A (A1+A2)
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are referred to as ”model experiments” and designed for testing crack deflection, whereas
the specimens in test series D are referred to as ”cohesive strength experiments”, see
Figure 5.8.
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Figure 5.8: Test specimens for: A1: Model experiments with roughened interface. A2:
Model experiments with smoothed interface. D: Cohesive strength experi-
ments with roughened interface (Laminate B).
For test series A, two pre-cast adhesive plates of different thickness were subsequently
bonded using the same type of adhesive. This process enabled that different interfaces
could be manufactured; the roughened surface (A1: roughened interface) and the smooth
surface (A2: smooth interface). ”Roughened interface” means that the surface at the
interface was roughened with sandpaper of grid 180. ”Smooth interface” means that the
interface was left untreated, but cleaned. Thus, this surface finish was prepared by the
surface of the smooth glass plate. The adhesive, applied in viscous form to bond the two
pre-cast adhesive plates, were left for 20 hours to harden at room temperature. Finally,
the tri-layer specimens were post cured and cut into beams.
The specimens in test series D are bi-materials manufactured of an adhesive that
was bonded to a glass-fibre reinforced laminate. The laminates were produced of non-
crimp-fabrics of glass-fiber using a VARTM process. Subsequently, a structural adhesive
was cast onto the laminate hence a zero-thickness interface was created. The plies were
primarily uni-directional with main fiber-orientation in x-direction according to Figure
5.8. Prior to the casting, the surface on the laminate was roughened with sandpaper to
ensure a proper bonding of the adhesive to the surface of the laminate. Start-cracks of
length, a0, were cut using first a thin hack saw, followed by a standard razor blade, and
finally an ultra-thin razor blade of thickness 74 microns.
The test setup and equipment can be seen in Figure 5.9. Vic 2D DIC system
(Correlated Solutions) was used to measure the displacement field. In order to determine
the DIC setup and speckle pattern, initial experiments were conducted and practical
guidelines for measuring with DIC were consulted [103]. The settings were inspired
primarily by the work of Reu [80, 82, 81, 79, 78, 76, 77], but also by Lava [56], and
Pierron & Barton [74], and the guidelines in the Vic manual [86]. The description of
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speckle pattern preparation and the settings used for the DIC measurements can be read
in details in Paper P5.
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Figure 5.9: Top-view of the four-point bend test setup and equipment.
A MTS 858 Mini Bionix II servo-hydraulic test machine applied the load through a
constant displacement rate. A load cell, calibrated for 1.5 kN, measured the load, P . A
CCD sensor of type Grasshopper GRAS-50S5M (2448x2048 pixels) was mounted to a
tri-pod and to the Fujinon CCTV Lens (HF50SA-1, 1:1.8/50mm) as shown in Figure 5.9.
Extension tubes were used to achieve a proper magnification [81].
5.2.2 Experimental Results
Highlights of the results from the experimental tests of the four-point SENB specimens are
presented here; a complete presentation of the results are given in Paper P5. The primary
result of test series A1 was that the main crack propagated through the roughened
interface of the specimen i.e. penetrated into the substrate. For test series A2, the
crack deflected along the smoothed interface. Test specimen A2-1 is selected for further
analysis. The moment and crack length measured for test A2-1 are presented in Figure
5.10 (A). The moment increased linearly with time until the main crack started to grow
at time t ≈ 1200 s. The main crack grew stable towards the interface until time t ≈ 1402
s, see the image in Figure 5.10 (B). maxyy is the maximum vertical strain in Figure 5.10
(B) measured by DIC and used for normalization of the strains in the figure. The crack
length was measured to a/b = 0.92. Next, at time t ≈ 1404 s, it was observed that the
main crack deflected along the interface, see Figure 5.10 (C). As elaborated in Paper P5,
it was observed that the main crack, in test series A2, first reached the interface and
then deflected along the interface.
The results for all specimens in test series D (bi-material) can be found in Paper
P5. For these tests, the main crack grew stable towards the interface until the interface
suddenly debonded as indicated by the sudden drop in measured moment. Test specimen
D-9 was selected for further analysis. The moment and crack length were measured and
presented in Figure 5.11 (A) for test D-9.
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Figure 5.10: Measurements for test specimen A2-1 with crack deflection. (A) Moment
and crack length. (B) Vertical strain contour. (C) After crack deflection.
Figure 5.11 shows that the main crack grew stable towards the interface until time,
t ≈ 957 s. On the next image at time, t ≈ 958 s, the main crack has reached the interface
(a/b = 1.0). The crack initiation appeared as a localized strain at the interface in the DIC
analysis and it was captured by DIC as seen by the vertical strain contour plot in Figure
5.11 (B) for t = 957 s for test D-9. This localized strain indicated that the interface crack
initiated before the main crack reached the interface. Note, maxyy is the maximum vertical
strain in Figure 5.11 (B) and used for normalization of the strain contours in the figure.
As shown in Figure 5.11 (B) a localized strain (crack initiation) was captured by DIC
measurements at the interface before the main crack reached the interface. This localized
strain measurement is basically a displacement difference measured across substrate,
interface and adhesive. Therefore, the localized strain can more precisely be denoted a
”displacement difference” since it is measured across a bi-material interface and therefore
different from a strain measured in a homogenous material. This cracking mechanism,
where the crack initiated in the interface before the onset of main crack propagation
(see also Figure 5.1 (C)), can be used to determine the mode-I cohesive strength of the
interface by using a novel approach. This will be described next.
5.3 Determination of the Mode-I Cohesive
Strength for Interfaces
The approach for determination of the mode-I cohesive strength of a bi-material interface
is presented in short here, but can be read in details in Paper P5 and Paper P6. Paper P6
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Figure 5.11: Measurements from test D-9: (A) Moment and crack length. (B) DIC
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DIC vertical strain contour plot of AoI after debond at time t = 958 s.
is the paper introducing the approach. The approach is further refined and demonstrated
in Paper P5. The approach is based on the stress field of a crack tip close to an interface
that has the purpose of initiating a new crack at the interface. The displacement
difference, ∆δ, across the zero-thickness interface is measured by DIC over the gauge
length, lg, as shown in Figure 5.12. During loading the spacing between two points
on each side of the interface in Figure 5.12 increases due to elastic deformation and
initiation of the interface crack. The displacement difference, ∆δ, across the interface
increases linearly with applied load (and time, t), but becomes non-linear at the onset
of interface crack initiation. The onset of non-linear displacement difference is denoted
∆δ∗ according to Figure 5.12. Assuming linear-elastic materials and a zero-thickness
interface, the non-linearity in measured displacement difference across the interface is
attributed interface separation only.
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Figure 5.12: Illustration of lg and ∆δ: (A) Initial undeformed state. (B) Deformed state,
where the interface crack has formed.
At the time of crack initiation, t∗, the associated moment, M∗, and crack length, a∗,
are measured from the experiment. These measurements (M∗, a∗/b) are used as inputs
to a 2D linear-elastic FE model of the experiment. The stress across the interface, σyy,i,
is determined by:
σyy,ib
2
M
= f(a/b, c/b, E1/E2) (5.6)
where the non-dimensional function, f , is determined using the result of a finite element
model presented in Figure 5.13. The calculation procedure to determine the cohesive
strength of the interface, σˆi, is listed in short here [49]:
• Capture the time of interface crack initiation, t∗, (onset of interface separation) e.g.
by digital image correlation, visually or by other methods.
• Determine M∗ and a∗/b at the time of interface crack initiation (onset of interface
separation).
• Use measured M∗ and a∗/b with the FE results in Figure 5.13 and equation 5.6 to
determine the stress across the interface, σyy,i, at the onset of interface separation.
Moment, M , and crack length, a/b, are the only parameters varying during the test
of the four-point SENB specimen. The stress across the interface, σyy,i, scales linearly
with M , but non-linearly with a/b as shown in Figure 5.13. Thus, by using the measured
values of M∗ and a∗/b at the time of crack initiation together with the FE simulation
results in Figure 5.13 and equation 5.6, the resulting cohesive strength of a material
interface, σˆi, can be determined.
5.3.1 Example of Determination of Cohesive Strength
The approach to determine the cohesive strength of the interface is exemplified by test
D-9 presented in Figure 5.11. For test D-9, a displacement difference, ∆δ, is measured
by DIC over the gauge length, lg = 0.1b, as shown in Figure 5.14.
The result in Figure 5.14 is used to identify the time where the interface crack initiates
in a more accurate way than what can be seen from the strain contour plots. A straight
line is fitted to the first linear part of the measured non-dimensional displacement
difference, ∆δ/∆δ∗, and it is judged that the measurements deviate from the fitted
straight line at time t ≈ 600 s. Thus, time t∗ ≈ 600 s is identified as the onset of non-
linearity in measured displacement difference and thus the time where the interface crack
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initiated. The onset of interface separation begins at time t∗ = 600 s whereas the main
crack started to propagate at time t = 840 s. This time measurement (t∗ = 600 s) is used
in Figure 5.11 (A) to determine M∗ = 240 Nmm/mm and a∗/b = 0.57. These parameters
(M∗ = 240 Nmm/mm, a∗/b = 0.57) together with E1/E2 = 12.0 and c/b = 0.2 are the
inputs to equation 5.6. From the results in Figure 5.13, the mode-I cohesive strength
of the interface can be determined to σˆi/σ¯a = 0.078 ± 0.004 for test D-9, where σˆi is
normalized with the macroscopic strength of the adhesive, σ¯a, that was measured by a
uni-directional tensile test of a dog bone specimen.
5.3.2 Discussion of Cohesive Strength Results
Further results for the non-dimensional cohesive strength, σˆi/σ¯a, are presented in Paper
P5 and ranges between 0.05 < σˆi/σ¯a < 0.20 for the different material interfaces tested.
Mohammed and Liechti [66] measured the cohesive strength of an aluminum-epoxy
bi-material interface to σˆi = 3 MPa, which can be normalized by the bulk strength of
the epoxy adhesive of σ¯a = 13.4 MPa (provided by Mohammed and Liechti [66]) to give
σˆi/σ¯a = 0.22. Although the material systems are different, the non-dimensional result by
Mohammed and Liechti [66] are close to the range of the cohesive strengths measured
in Paper P5 of 0.05 < σˆi/σ¯a < 0.20. This consistency leads to confidence in the novel
approach applied in the present work.
Normalization of σˆi by σ¯a is equivalent to the way Cook and Gordon [18] presented
their modeling results based on stress. They [18] suggested that the interface strength
should be less than about 1/3 to 1/5 of the bulk material strength in order to ensure
that a new crack initiates along the weaker interface ahead of the main crack. Although
the Cook and Gordon model was established for a homogenous solid, the criterion is
consistent with the experimental test results presented in Paper P5 since all measured
normalized cohesive strengths of the interfaces were below 1/5. Since crack penetration
into the substrate was observed in test series A1, it is expected based on the Cook-Gordon
criterion that the cohesive strength of the interfaces for the specimens in test series A1 is
σˆi/σ¯a > 1/3.
5.4 Conclusions
An analytical model of the displacement loaded four-point SENB test specimen was
derived and found to agree well with FE simulations. The models (analytical and
numerical) were found appropriate to design the experiment with stable crack growth
since it was found that ∂GI/∂a depends on load configuration, crack length and geometry.
These models suggested that the beam should be short and thick, and the start-crack
length should be relatively deep for the main crack to propagate stable.
A model experiment of four-point SENB specimens with different interfaces, were
designed, manufactured, and tested. The tests were successful in that crack propagation
was stable and the crack deflection at interfaces could be observed during loading (in-situ).
For bi-material test specimens, it was observed that a new crack initiated at the interface.
This cracking mechanism enabled determination of the cohesive strength of the interface
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using a novel approach. The cohesive strength of the interfaces were found to be small
in comparison with the macroscopic strength of the adhesive and found to be consistent
with the measurements by Mohammed and Liechti [66] and the Cook-Gordon criterion
[18].
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CHAPTER 6
Summary of Results and
Concluding Remarks
In this chapter, the six papers addressing the main goals of the project will be summarized
and the findings in the papers will be used to establish novel design rules for adhesive
bonded joints. The outcome of the papers will be discussed in relation to the existing
knowledge in the literature. To conclude, the future challenges will be discussed and a
final conclusion completes the thesis.
6.1 Summary of Results
In this section summaries of the six appended papers are presented. The main results
and conclusions are highlighted, but details should be read in the full papers listed below.
P1 Jeppe B. Jørgensen, Bent F. Sørensen and Casper Kildegaard. ”The effect of
residual stresses on the formation of transverse cracks in adhesive joints for wind
turbine blades.” Submitted to: International Journal of Solids and Structures
(2017).
P2 Jeppe B. Jørgensen, Bent F. Sørensen and Casper Kildegaard. ”The effect of
buffer-layer on the steady-state energy release rate of a tunneling crack in a wind
turbine blade joint”. Submitted to: Composite Structures (2017).
P3 Jeppe B. Jørgensen, Bent F. Sørensen and Casper Kildegaard. ”Tunneling cracks in
full scale wind turbine blade joints”. Accepted for: Engineering Fracture Mechanics
(2017).
P4 Jeppe B. Jørgensen, Casper Kildegaard and Bent F. Sørensen. ”Design of four-point
SENB specimens with stable crack growth”. Submitted to: Engineering Fracture
Mechanics (2017).
P5 Jeppe B. Jørgensen, Bent F. Sørensen and Casper Kildegaard. ”Crack deflection at
interfaces in adhesive joints for wind turbine blades”. Submitted to: Composites
Part A: Applied Science and Manufacturing (2017).
P6 Jeppe B. Jørgensen, Michael D. Thouless, Bent F. Sørensen and Casper Kildegaard.
”Determination of mode-I cohesive strength of interfaces”. In: IOP Conf. Series:
Materials Science and Engineering, 139, 012024 (2016).
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6.1.1 Summary of Paper P1: The effect of residual stresses
on the formation of transverse cracks in adhesive
joints for wind turbine blades
An experimental approach was applied to test the effect of different parameters on the
formation of transverse cracks in an adhesive joint. Transverse cracks were assumed
to evolve due to a combination of mechanical- and residual stresses. A new approach
was developed that allows the residual stress to be determined in several different ways.
The accuracy of different methods to measure residual stresses in the adhesive was
tested on a single bi-layer/sandwich test specimen (laminate/adhesive/laminate) that
was instrumented with strain gauges and fiber Bragg gratings (FBG). One of the methods
with FBGs was used to clarify which of the steps in the bonding process that had the
largest contribution to the residual stress.
A bi-material FE model of the sandwich specimen were developed to predict the
stress in the adhesive at first crack from knowledge of fracture energy and geometry.
Transverse cracking of the adhesive was investigated experimentally by manufacturing
different series of sandwich test specimens made of two laminates that were bonded by a
thick layer of structural adhesive. The sandwich specimens were tested in quasi-static
tension to explore the effect of test temperature, post curing temperature and thickness
of the laminate. The effect of laminate thickness on the formation of transverse cracks in
the adhesive was also tested under cyclic loading.
Using the measured residual stress as input to the model, the predictions of the
stress in the adhesive at first crack were made. The predictions were found to agree well
with the experimental results from tensile tests of the sandwich specimens at 23◦C and
−40◦C. The residual stress in the adhesive was found to contribute to the formation of
transverse cracks in the sandwich specimens, especially at low test temperatures. The
static tensile tests of the sandwich specimens showed that higher post curing temperature
and lower test temperature had a negative effect on the formation of transverse cracks in
the adhesive in the sense that transverse cracks initiated at lower applied mechanical
loadings. The effect of increased laminate thickness was minimal under both static
and cyclic loading. The cyclic loaded tests confirmed that the design of the sandwich
specimen was damage tolerant since multiple cracking of the adhesive developed in a
stable manner.
6.1.2 Summary of Paper P2: The effect of buffer-layer on
the steady-state energy release rate of a tunneling
crack in a wind turbine blade joint
A new tri-material FE model was developed in order to design the wind turbine blade joint
such that the energy release rate of a tunneling crack, propagating across the adhesive
layer, was reduced. Results from the tri-material FE model was found comparable with
the results of Ho and Suo [41] for the simplified case of a bi-material model. Other
simulations showed that the energy release rate of the tunneling crack could be reduced
by embedding a so-called buffer-layer near the adhesive with a well-chosen stiffness and
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-thickness. It was found that the appropriate thickness of the buffer-layer depended on
the stiffness of the buffer-layer. In any case it was found advantageous to increase the
stiffness of the buffer-layer in order to reduce the energy release rate of the tunneling
crack. However, it was found for adhesive joints with properties comparable to materials
used for wind turbine blades that the laminates were already sufficiently stiff. Thus, the
effect of the buffer-layer was small in comparison with the effect of reducing the thickness
of the adhesive layer.
6.1.3 Summary of Paper P3: Tunneling cracks in full scale
wind turbine blade joints
A generic tunneling crack tool was presented and used in a novel approach for the
prediction of crack growth rates for tunneling cracks propagating across a bond-line
in a wind turbine blade under high cyclic loadings. Inputs to the generic tool was
the Paris law for the adhesive, the residual stresses in the adhesive, and information
about the loadings, geometry and material properties for the adhesive joint in the blade.
First, a DCB specimen was fatigue tested in the laboratory to measure Paris law for a
mode-I crack in the adhesive. The parameters for Paris law of the adhesive was found
comparable to those of epoxy resin systems reported in the literature. Residual stresses
in the adhesive of the joint was determined based on misfit stress that was measured
using a curvature experiment of bi-layer specimen tested in the laboratory.
The model prediction of crack growth rates on the joint with and without residual
stresses included were taken to be the upper and lower bounds, respectively. The
model predictions by the generic tunneling crack tool was tested on a full scale wind
turbine blade that was loaded cyclic in an edgewise fatigue test in a laboratory. The full
scale blade, which was more than 40 meter long, was tested with cyclic loads that was
significantly higher than standard design loads in order to propagate the tunneling cracks
in the trailing-edge joint. The crack length for 27 tunneling cracks was measured on the
trailing-edge during the edgewise fatigue test. It was demonstrated that the upper- and
lower bounds for the model predictions were in agreement with the measurements on the
full scale test blade.
6.1.4 Summary of Paper P4: Design of four-point SENB
specimens with stable crack growth
In order to investigate crack deflection at interfaces experimentally, it was necessary to
design a test specimen where a crack could propagate stable and orthogonal towards a
bi-material interface. A four-point single-edge-notch-beam (SENB) test specimen loaded
by applied displacements was developed and manufactured for the purpose. In order to
design the test specimen, models were established to ensure stable crack growth and thus
enable that crack deflection at the interface could be observed (in-situ) during loading. To
explore a parameter space an analytical model was derived for the homogenous four-point
SENB specimen, and it was found that the test specimen should be short and thick and
the start-crack length relatively deep for the crack to propagate in a stable manner. The
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analytical model was compared with a numerical model. The results from the numerical
model of the bi-material four-point SENB specimen showed the same tendencies. An
experiment with the homogenous four-point SENB specimen showed that the crack could
grow stable if the start-crack-length was made sufficiently long and unstable if not. This
was in agreement with the model prediction.
6.1.5 Summary of Paper P5: Crack deflection at
interfaces in adhesive joints for wind turbine blades
Crack deflection at interfaces for different material systems was tested experimentally. A
four-point SENB specimen was manufactured by bonding two pre-cast beams of structural
adhesive. Thus, different interfaces could be prepared by varying the roughness of the
surface prior to casting. It was found that the main crack penetrated into the substrate if
the surface of the interface was roughened, but deflected along the interface if the surface
of the interface was smooth. The test specimens used for studying crack deflection at
interfaces were tested successfully since the crack deflection mechanism could be observed
by DIC during loading (in-situ).
Other four-point SENB test specimens of different materials systems (adhesive/la-
minate, adhesive/adhesive) were manufactured with different interface properties and
tested experimentally. For some of the test series it was observed that a new crack
initiated at the interface before the main crack propagated and reached the interface.
This cracking mechanism was used to develop a novel approach to determine the mode-I
cohesive strength of the interface.
The novel approach were first presented in Paper P6, where it was demonstrated on
a bi-material SENB specimen. The approach was further refined and demonstrated in
Paper P5 for SENB specimens with different interface properties. The novel approach
was based on measuring the displacement field across the interface during loading using
DIC. Initially, the relative displacement across the interface increased linearly with the
applied loading, but became non-linear at the time where the new crack at the interface
initiated. At this time, the measured crack length and moment from the experimental test
were applied to a FE model such that the stress across the interface could be determined
numerically. Assuming that the measured non-linearity was the onset of separation (crack
initiation) then the stress across the interface were taken to be the cohesive strength of
the interface. The method was applied to determine the mode-I cohesive strength of
different bi-material interfaces. The cohesive strength of these interfaces was found to be
low in comparison with the macroscopic strength of the adhesive.
6.1.6 Summary of Paper P6: Determination of mode-I
cohesive strength for interfaces
This is the first paper introducing the novel approach for determination of the cohesive
strength of a bi-material interface. The cohesive strength of the interface is one of the
governing properties for crack deflection at interfaces as demonstrated by the cohesive
zone models by Parmigiani and Thouless [72]. The novel approach for determination of
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the cohesive strength of a bi-material interface was successfully applied and demonstrated
on a four-point SENB specimen made of an adhesive that was cast onto a glass fiber
laminate. This bi-material four-point SENB specimen was tested experimentally and
it was observed that a new crack initiated in the bi-material interface before the main
started to grow. DIC was applied to identify the onset of interface separation (crack
initiation) and, at this time, a 2D finite element model was used to determine the stress
across the interface. At the time of crack initiation, this stress can be associated with
the cohesive strength of the interface. It was found that the mode-I cohesive strength
of the tested adhesive/laminate interface was low in comparison with the macroscopic
strength of the adhesive.
6.2 Discussion of Contributions and Impact
The results of Paper P1 in section 3.4 and section 3.5 showed that the processing
parameters (e.g. post curing temperatures in Figure 3.10) used in the manufacturing of
adhesive joints are important parameters in order to control the magnitude of residual
stress in the adhesive layer. These findings could also be relevant in other applications
(e.g. aircrafts or cars) where the adhesive is constrained between stiffer substrates and
therefore cannot freely contract. Under cyclic loading it was shown by the results in
Figure 3.11 in section 3.5.3 that the adhesive joint (sandwich specimen) was a damage
tolerant component since multiple cracking of the adhesive evolved in a stable manner.
Since it was found that the evolution of multiple transverse cracks in the adhesive were
slow and measurable, it is proposed to use structural health monitoring systems to detect
and monitor the development of transverse cracks. FBGs could be one way to first
measure the residual strains (stresses) and subsequently monitor the stable development
of multiple cracks in the adhesive.
A new tri-material FE model was used to design a structural adhesive joint against
the propagation of a tunneling crack as demonstrated in section 4.1. For wind turbine
blade specific materials the stiffness of the substrates were already sufficiently high
meaning that the effect of increasing the substrate stiffness was small. Although the
effect of embedding a buffer-layer in a wind turbine blade joint was small, the buffer-layer
idea and -model could be applied to other engineering structures where the effect of a
buffer-layer is more pronounced. Especially, the identification of the point of intersection
(PoI) in Figure 4.4 (in section 4.1.2 for the tri-material FE model and in Paper P2) is an
important scientific contribution since it can be used to select the optimal properties of
the buffer-layer in order reduce the risk of tunneling crack propagation in the specific
application.
Another important scientific result is the approach and tunneling crack tool for the
prediction of crack growth rates of tunneling cracks in an adhesive joint of a wind turbine
blade in section 4.2 (Paper P3). The tunneling crack tool is not just limited to wind
turbine blade joints under cyclic loading. Basically, the approach can be adapted to other
types of propagating fatigue cracks, where the energy release rate can be determined by
a model and the inputs to the model are measurable e.g. by using lab scale experiments
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to characterize the needed material properties, like demonstrated in Paper P3.
As presented in chapter 5 and Paper P4, rigorous experimental studies of crack
deflection at interfaces were identified as a gap in the literature. One of the challenges,
which was not addressed in the literature, was to design an experiment with stable
crack growth so that the crack deflection mechanism could be observed during loading.
Four-point SENB geometries found in the literature vary significantly from test to test
and no justifications for the chosen geometry were presented. An analytical model of
the four-point SENB specimen was derived and compared with numerical models in
order to design an experiment where crack propagation towards the bi-material interface
was stable (see e.g. Figure 5.4 in section 5.1.1). These models were comparable and
found applicable on experiments. The new results, presented in Paper P4, explored
and clarified the complexity of the problem since stable crack growth of the crack in
the four-point SENB specimen depends on the test specimen geometry, test setup and
start-crack length (section 5.1). The parameter studies presented in Paper P4 are of
significant scientific importance since it is difficult to design a crack deflection experiment
where the crack grows stable and orthogonal towards a bi-material interface. Therefore,
the modeling results and experimental demonstration will be valuable to others working
on crack growth experiments, particularly with experimental test of crack deflection at
interfaces.
Accurate experimental determination of cohesive strength for bi-material interfaces is
challenging, especially for material interfaces with small separations [48], and therefore
novel methodologies are desired (chapter 5). Thus, it is a valuable scientific contribution
that a novel approach to determine the mode-I cohesive strength of a bi-material interface
were developed and presented in Paper P6 and further refined and applied in Paper P5
(section 5.3). One of the advantages of the novel approach is that there is no need for
a complicated calibration procedure or CZM model. Only a linear-elastic solution is
required. Furthermore, it is not necessary to use advanced microscope equipment since
a standard four-point bend rig with a DIC camera system is the primary equipment
needed. The new approach is not limited to the four-point SENB specimen and it could
be applicable on other test specimens, provided the initiation of the interface crack can
be captured by DIC (or another method) and the interface stress can be accurately
determined using a model (e.g. FE or analytical). Therefore, this new approach could
win popularity on other types of test specimens where it is difficult to measure the
cohesive strength of the interface.
6.3 Determination of Novel Design Rules for
Adhesive Bonded Joints
This section has the purpose of addressing the main scientific goal of the project that, in
short, was to develop new- and to improve the existing design rules for adhesive joints in
wind turbine blades. This section is divided into design rules based on each of the three
sub-projects and finally a section dedicated the three most important design rules.
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6.3.1 Design Rules based on Sub-project 1
In Paper P1, it was assumed that the stress in the adhesive at first crack was a com-
bination of tensile residual stress and tensile mechanical stress (section 3.2). Thus, by
reducing the tensile residual stress, the mechanical load to initiate the first crack in the
adhesive can be increased. For the low temperature tensile tests of sandwich specimens
(laminate/adhesive/laminate) in Figure 3.10, presented in section 3.5.2, the residual
stresses were measured to between 8-40% of the mechanical stress in the adhesive to
initiate the first crack. Therefore, if the residual stress could be removed, e.g. in the
manufacturing process, the mechanical stress can potentially be increased by up to
40%. However, it would be even better to manufacture adhesive joints with compressive
residual stresses in the adhesive since this gives room for loading the joint even further.
Based on the conclusions in Paper P1, it was found desirable to post cure at tempera-
tures that are not too high in order to reduce residual stresses. If possible, low operation
temperatures should be avoided in order to keep the residual stresses small.
Beside the standard desired adhesive properties of high strength and fracture toughness,
for the application on wind turbine blade joints, it is desirable that the chemical shrinkage
of the adhesive and the mismatch in coefficient of thermal expansion is low since the ad-
hesive is constrained in-between stiffer laminates (and are therefore not free to contract).
Reducing the chemical shrinkage and the mismatch in coefficient of thermal expansion are
two ways to reduce the residual stress in the adhesive. Lowering the chemical shrinkage
might be achievable by adding different fillers to the adhesive, but this might affect
the other material properties of the adhesive negatively. In practice for wind turbine
blade joints, it might be challenging to eliminate the mismatch in coefficient of thermal
expansion since various types of layups are used in different regions of the blade.
6.3.2 Design Rules based on Sub-project 2
Since it is the layer closest to the adhesive that has the main constraining effect on the
tunneling crack, it was found advantageous to embed a stiff buffer-layer near the adhesive
(section 4.1.2). However, the effect was small for adhesive joints with stiff substrates.
The optimal properties (thickness and stiffness) of the buffer-layer can be determined
based on the new tri-material models in Paper P2. To exemplify a design rule, take
the results in Figure 4.5 in section 4.1.2 for the adhesive joint with substrates of Glass
UD with thickness h1/2h2 = 1 and include a buffer-layer of Carbon UD. By increasing
the buffer-layer thickness (starting from zero thickness), the energy release rate can be
reduced until the buffer-layer thickness is about the same as the adhesive thickness i.e.
h3/2h2 = 1. At this point, the energy release rate cannot be reduced much further. Thus,
one applicability of the models is to determine the appropriate buffer-layer thickness
according to a desired energy release rate level. Furthermore, a price constraint can be
included since adding extra material can be costly in comparison with the effect achieved.
The use of tunneling crack models for design criteria is conservative since the load to
propagate a tunneling crack is lower than the load to initiate a tunneling crack according
to the homogenous models by Ho and Suo [41]. Since the stiffness of the laminates
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in a wind turbine blade joint is relatively high, the most efficient way of reducing the
tunneling crack energy release rate is to decrease the thickness of the adhesive layer.
It was demonstrated in Paper P3 that for an edgewise full scale blade test with
load R-ratio of R = −1, residual stresses increased the R-ratio in the adhesive in an
undesirable manner (to R > 0) and enhanced the crack growth rates of the tunneling
cracks, see also section 4.2.2. In this perspective, elimination of residual stress in the
adhesive is advantageous in order to reduce the crack growth rates for the tunneling
cracks. This is particularly important since the measured slope of the Paris law curve of
the adhesive, presented in Figure 4.8, is relatively steep meaning that small variations of
the loadings give large variations of the crack growth rates (section 4.2.2).
6.3.3 Design Rules based on Sub-project 3
The cohesive strength is one of the governing properties for crack deflection at interfaces
[72, 13]. The cohesive zone modeling results for crack deflection by Parmigiani and
Thouless [72] were found consistent with the stress based Cook-Gordon criterion [18] (if
interface-to-substrate toughness ratio was a constant of one). The Cook-Gordon criterion
states that the interface will fail if the interface strength is less than about 1/3 to 1/5
of the bulk material strength. Although, the Cook-Gordon criterion was established by
stress analysis of a homogenous solid, the criterion is consistent with the experimental
test results presented in Paper P5 and Paper P6 since all measured normalized cohesive
strengths of the interfaces were below 1/5. Therefore, it is judged that the Cook-Gordon
criterion can be used as a good approximation for the prediction of crack deflection at
interfaces. Although, it is a rather simple design rule, the experimental test results in
Paper P5 and Paper P6 (and section 5.3.1) indicate that it can be applied with sufficiently
accuracy in practice.
6.3.4 Main Design Rules
Based on the present work, the three most important design rules for adhesive bonded
joints are identified to be:
• Sub project 1: Eliminate residual stresses - this can potentially enhance the stress
in the adhesive at first crack by up to 40% based on the experimental tensile tests
of the sandwich specimens.
• Sub project 2: Reduce the thickness of the adhesive layer since the energy release
rate of a tunneling crack in the adhesive is proportional to the adhesive thickness.
• Sub project 3: Ensure that the cohesive strength of the interface is less than 1/5 of
the cohesive strength of the bulk material (or substrate) for the crack to deflect at
the interface.
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6.4 Future Work and Challenges for Adhesive
Joints in Wind Turbine Blades
Although the PhD project has contributed to the research within adhesive joints for
wind turbine blades, there are still many challenges to face in the future. This section is
dedicated a discussion about the future challenges based on the findings in the present
work and the gaps identified in the state of the art literature.
The adhesive materials used in the present work were analyzed by different test
methods, but further material related challenges for adhesive bonded joints in wind
turbine blades exists. The small scale test specimens used in the present work were
manufactured under process conditions in the laboratory that were different from the
manufacturing of a full scale wind turbine blade.
Temperature was found to be an important parameter affecting the properties of
the adhesive. This was demonstrated by the tensile tests of the sandwich specimens
(laminate/adhesive/laminate) where the results were presented in Figure 3.9 and Figure
3.10 in section 3.5.2. It was found that the approach in Figure 3.2 could predict the stress
in the adhesive at first crack at temperatures of 23◦C and −40◦C relatively accurate (see
Figure 3.9) if the input parameters were measured at the same temperatures. A relevant
extension of this study could explore the effect of elevated test temperatures e.g. 40◦C.
This would require to measure KIC , E2 and ν2 for the adhesive at similar temperatures.
Another complicating factor is the time dependency of the adhesive (stress relaxation,
creep, visco-elasticity). These effects might be present in the real application, but they
were assumed to be negligible in the modeling (section 2.2). Therefore, it would be
relevant to look further into the time dependency of the adhesive i.a. since this will affect
the residual stresses in the adhesive.
In the present work residual stresses were measured on adhesive test specimens that
were tested within a few weeks after manufacturing whereas typical wind turbine blades
in the field operate in harsh conditions for more than 20 years. Since the life time of
wind turbine blades is more than 20 years, the effect of creep and stress relaxation of
the adhesive might be significant and thus reduce the residual stress magnitude in the
adhesive of a full scale blade. Therefore, the problem of residual stresses might be smaller
in reality than what was measured on the test specimens in the laboratory. A future
study could investigate the contradictory effects of residual stresses and the level of creep
over time. This could possibly be tested using the bi-layer specimen (e.g. with FBGs)
where the curvature over time could be measured and compared with creep experiments.
The measurements could be supported by visco-elastic models. Another material related
challenge is the effect of residual stresses on the R-ratio and on the parameters in Paris
law, which is not well documented in the literature for polymeric materials. Further
understanding and testing of adhesives loaded cyclic by different R-ratio and residual
stress levels are proposed as a future study.
The tunneling crack tool, in combination with the approach presented in Paper P3
and Figure 4.7, can predict crack growth rates for tunneling cracks in a trailing-edge joint
of a wind turbine blade within acceptable accuracy, see Figure 4.9 in section 4.2.2. The
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tunneling crack tool could be extended to account for delamination during the tunneling
process [17, 97, 98], to handle gel coat channeling cracks in wind turbine blade surfaces
during cyclic loading [116], or be applied on tunneling cracks in grid-scored balsa/foam
panels used in wind turbine blades, where the crack tunnels through the resin filled
grid-scores [55]. The range of proposed applications are broad.
In Paper P5 and Paper P6, a novel approach was presented to determine the cohesive
strength of a bi-material interface. The approach were summarized in section 5.3.
Alternatively, the cohesive strength could be determined with environmental scanning-
electron microscopy (ESEM) using a J-integral based approach [27]. A benchmark of
these two distinct approaches is proposed as a future study to evaluate the accuracy of
the methods. The geometry of the four-point SENB specimen, used to determine the
cohesive strength, could be changed by machining an elliptical-shaped notch instead of a
sharp start crack. The advantage of the geometry with an elliptical-shaped notch is that
the stress concentration factor would be known, and it will be harder for the main crack
to start propagating. This might simplify the analysis.
During this PhD project, novel approaches were developed and their applicability on
adhesive joints for wind turbine blades were tested experimentally in order to establish
novel design rules. In Paper P3 the approach were tested and compared with actual
measurements from a full scale blade fatigue test. The approaches developed in the other
papers were primarily compared with lab scale experiments. Generally, these approaches
should be compared with tests on full scale blades since this is an important step towards
integration of the design rules into the current joint design package. Furthermore, the
process related design rules needs to be tested in a real production environment before
they can be implemented in the manufacturing technology such that the advantages of
these design rules can be fully utilized.
6.5 Conclusion
Based on residual stress measurements and experimental tensile tests of adhesive bonded
joints, it was found that residual stresses were of relative significant magnitude, primarily
at low temperatures. The cyclic loaded tests confirmed that the design of the adhesive
joint was damage tolerant since multiple cracking of the adhesive evolved in a stable
manner. Using a new tunneling crack tool (approach) and accounting for the residual
stresses in the adhesive, crack growth rates predicted for tunneling cracks in a trailing-
edge joint were found to agree well with crack growth rates measured on a full scale blade
tested with high cyclic loadings. By applying a novel approach, the cohesive strength
measured for a number of model interfaces, were found to be low in comparison with
the macroscopic strength of the adhesive. These experimental results were found to be
consistent with the Cook-Gordon criterion for crack deflection.
The experimental-, analytical- and numerical results can, in combination with the
novel approaches, be used to improve the current design methods for adhesive joints.
Thus, the design limits for adhesive joints in wind turbine blades can, safely, be pushed
closer towards the actual structural limits.
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Abstract
Transverse cracks in adhesive bonded joints evolve typically due to a combination of mechanical- and
residual stresses. In this paper, a new approach that allows the residual stress to be determined in
several different ways is presented. The residual stress measurements were used in combination with a
novel bi-material model to predict the stress at first transverse crack in the adhesive layer of a sandwich
specimen (laminate/adhesive/laminate).
The model prediction was consistent with measurements from quasi-static tensile tests of the sand-
wich specimens. These experimental results showed that higher post curing temperature and lower
test temperature had a negative effect on the formation of transverse cracks in the adhesive layer i.e.
residual stresses were higher and transverse cracks initiated at lower applied mechanical loading. The
effect of increased laminate thickness was found to be small under both static and cyclic loading of the
sandwich specimens. Furthermore, the cyclic loaded tests confirmed that the design of the sandwich
specimen was damage tolerant since multiple cracking of the adhesive developed in a stable manner.
Keywords: Residual stress, Fracture, Crack, Adhesion, Finite element
Nomenclature
a crack length
E1, E2 Young’s modulus (substrate, adhesive)
E¯1, E¯2 plane strain Young’s modulus (substrate, adhesive)
F non-dimensional function (for crack model)
GI mode-I energy release rate
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h1, h2 thickness for sandwich specimen (substrate, adhesive)
h∗1, h
∗
2 thickness for bi-layer specimen (substrate, adhesive)
KI mode-I stress intensity factor
KIC mode-I critical stress intensity factor
N number of cycles
P applied force
q non-dimensional function (for misfit stress model)
r radius of curvature
R load R-ratio
t time
T temperature
TC curing temperature
TPC post curing temperature
Tr reference temperature
TR room temperature
Tt test temperature
Ut total strain energy
Ucrack strain energy caused by the formation of a crack
Uno,crack strain energy of specimen without crack
Vt total work done by external forces
x, y, z coordinates
α1, α2 coefficient of thermal expansion (substrate, adhesive)
δ displacement
fc strain in adhesive at first crack
FBG strain measured by fiber Bragg grating
SG1 strain measured by strain gauge number 1
SG2 strain measured by strain gauge number 2
m mechanical strain
2
m,fc mechanical strain at first crack in the adhesive
m,max maximum mechanical strain in cyclic tests
¯m,st average mechanical strain at first crack in the adhesive for static tests
yy normal strain
T misfit strain
∆αT misfit strain for Method 5 (reference value)
ζ2, ζ2∗ adhesive to substrate thickness ratio (sandwich, bi-layer)
ηyy surface traction in the y-direction in the finite element model
κ curvature of the bi-layer specimen
ν1, ν2 Poisson’s ratio (substrate, adhesive)
σm mechanical stress in the adhesive
σm,fc mechanical stress in the adhesive at first crack
σfc stress in the adhesive at first crack
σr residual stress in the adhesive
σT misfit stress
σ∆αT misfit stress for Method 5 (reference value)
σyy,1 generalised normal stress in the substrate in y-direction
σyy,2 generalised normal stress in the adhesive in y-direction
Σ2 adhesive to substrate stiffness ratio
FBG fiber Bragg grating
FE finite element
LEFM linear-elastic fracture mechanics
VARTM vacuum-assisted-resin-transfer-moulding
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1. Introduction
The primary adhesive joints in wind turbine blades are the leading edge-, trailing edge-, and web-
joints as shown in the blade section in Figure 1 (A). These joints connect the upwind- and downwind-
shells that are usually manufactured of glass-fibre reinforced laminates produced by a vacuum-assisted-
resin-transfer-moulding (VARTM) process. During the curing process, the structural adhesive shrinks
and since the adhesive is constrained in-between stiffer laminates tensile residual stresses builds up. It
is expected that the main contributors to the residual stress is the chemical shrinkage of the adhesive
and the mismatch in coefficient of thermal expansion between the laminate and the adhesive (α1−α2).
The latter occurs primarily since there is a mismatch in the coefficient of thermal expansion between
the laminate and the adhesive and since the structural adhesive is cured at a temperature above the
operating temperature [1]. Often adhesive joints are post cured at higher temperatures in a subsequent
process to enhance certain mechanical properties of the adhesive [2, 3], but this elevated temperature
can also increase the magnitude of residual stresses.
Blade section
Laminate #1
Laminate #1
Adhesive #2
1
h1
2h2
E1
E1
E2
h
Transverse crack
Core
Glass fibre
Adhesive
εyyεyy
(A)
(B) Sandwich specimenx yz
εyy
εyy
Trailing- 
edge joint
Leading- 
edge joint
Web joints x y
σr+σmUpwind shell
Downwind shell
Figure 1: (A) Blade section and adhesive joints. (B) Sandwich specimen loaded in tension.
The residual stresses can be large and can, if combined critically with mechanical loadings, promote
crack formation and crack growth in adhesive bonded joints [4, 5, 6]. Residual stresses in adhesive
joints can be analysed e.g. using finite element (FE) modelling [7, 8, 9, 10, 11] or laminate theory [12].
Different methods for measuring residual stresses are available [4, 5, 6, 12]. The residual stress, σr,
can be related to the misfit stress, σT , through a non-dimensional function, q [13]:
σr = qσT (1)
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The misfit stress is defined as the stress induced in a thin film adhered to an infinitely thick substrate.
The use of misfit stress is convenient since the residual stress in a structure can be expressed through a
non-dimensional function, q, that accounts for e.g. geometry and elastic properties. Without compre-
hensive models of curing, solidification and creep of the adhesive, the misfit stress cannot be predicted
by modelling - it must be determined experimentally [13]. When the material response to temperature
changes is elastic, the misfit stress can be related to the misfit strain, T , by [13]:
T = σT (1− ν2)/E2 (2)
where E2 and ν2 are the Young’s modulus and the Poisson’s ratio of the adhesive, respectively.
For wind turbine blade joints, debonding between the adhesive and one of the laminated shells is
one of the most frequently analysed and modeled cracking mechanisms in the literature [14, 15, 16, 17].
In turn, analyses, models and tests of transverse cracking of the adhesive of wind turbine blade joints
are limited in the literature [18]. As shown in Figure 1 (B), edgewise loadings of the blade induce
longitudinal strains, yy, of the trailing-edge joint. The materials of the sandwich configuration in
Figure 1 (B) are assumed to be isotropic with substrate Young’s modulus, E1, substrate Poisson’s ratio,
ν1, substrate thickness, h1, adhesive Young’s modulus, E2, adhesive Poisson’s ratio, ν2 and adhesive
thickness, 2h2. It is assumed that the resulting stress in the adhesive is the sum of the mechanical
stress, σm, and the residual stress, σr. For this edgewise load case, the damage development in the
trailing-edge joint typically starts with the initiation of a transverse crack in the adhesive as shown in
Figure 1 (B).
Cracks in the trailing-edge joint, including transverse cracks, observed in full scale blades in opera-
tion were reported by Ataya et al. [19]. The transverse cracks were identified in the trailing-edge joint
with a relatively high crack density at the aerodynamic part of the blade, at a position of about 0.8 of
the blade length from the root, for working lifes of 17-22 years [19]. From a fracture mechanics per-
spective, transverse cracking of the adhesive bond line is comparable to the crack formation in a tile core
sandwich structure [20, 21, 22, 23] or off-axis matrix cracks in cross ply laminates [24, 25, 26, 27, 28, 29].
Adhesive joints are typically one of the first structural details in a blade to develop damage. Damage
is defined as distributed adhesive cracks (multiple cracking) [30]. The adhesive joints in wind turbine
blades are typically damage tolerant, implying that the damage develops in a stable manner and is
detectable before it reaches a critical state i.e. joint failure [30].
Structural adhesive joints are typically designed against first crack (no damage) since a safe design
must be conservative. Thus, the damage tolerance of the joint can be used as an extra safety feature.
The difficult and costly repair of adhesive joints [31, 32], especially for off-shore wind turbines, emp-
hasise the importance of using robust design criteria such that the blade can achieve an operating life
of 20 years or more [33, 34, 35, 36].
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Structural health monitoring systems are desirable in order to identify damage before it reaches
a critical state and cause catastrophic failure of a joint or a full structure e.g. a wind turbine blade
[37, 38, 39, 40, 41]. The use of optical fibers with fiber Bragg gratings (FBG) in structural adhesive
joints is attractive since residual strains during manufacturing can be measured, and subsequently
the FBG can potentially be used as a part of a structural health monitoring system during operation
[40, 42, 43]. The FBG measures a wavelength that can through the FBGs gauge factor be converted
to a strain value [42]. Advantages of the use of optical fibers with FBGs are described in the work of
Gu¨emes et al. [44, 45].
The problem studied in the present work is transverse cracking of the adhesive layer of the struc-
tural adhesive joint shown in Figure 1 (B), where crack formation and growth are expected to be
driven by a combination of mechanical- and residual stresses. The study includes the effect of re-
sidual stresses, laminate type, laminate thickness, post curing temperature, and operational (test)
temperature. Furthermore, the effect of laminate thickness on the evolution of multiple cracking of
the adhesive under cyclic loading is studied. Additionally in this work, a new approach that allows
the residual stress in the adhesive to be determined in several different ways is presented. The accu-
racy of four different methods to measure residual stress is tested on a single sandwich test specimen
(laminate/adhesive/laminate). The instrumentation of the test specimen includes strain gauges and
FBGs. FBGs are also embedded in the adhesive to determine residual stresses during the different
manufacturing steps in the bonding process.
The paper is structured as follows. First, a new approach to predict the stress in the adhesive at
which the first crack can propagate from a void in the adhesive layer of the sandwich specimen will
be introduced. Secondly, a novel bi-material FE model of the sandwich specimen in Figure 1 (B) will
be presented and included in the approach. The principles of measuring residual stresses will then be
described. Hereafter, the materials and manufacturing procedures for preparation of the test specimens
will be described including the experimental procedures. The results section includes a comparison
of the different residual stress measurements and a comparison between predicted and experimentally
determined stress in the adhesive at first transverse crack in the sandwich specimen. Additionally,
results from the static- and cyclic loaded tests of the different sandwich specimen configurations will
be presented. Finally, the results will be discussed and the major findings will be used to propose
novel design rules for adhesive bonded joints.
2. Problem definition
The adhesive joint in Figure 1 (B) is basically a sandwich specimen (laminate/adhesive/laminate)
loaded in tension. Experimental tests of this sandwich specimen should lead to novel design rules for
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structural adhesive joints. Two types of laminates (Laminate A and Laminate B) that are presented
in section 6, are used to investigate the effect of different variables:
• The effect of variables on the magnitude of residual stresses in the adhesive layer of the sandwich
specimen:
– Test temperature (−50oC, −40oC, −30oC, −20oC, 23oC).
– Post curing temperature (50oC, 70oC, 90oC).
– Laminate thickness (Laminate B).
• The effect of variables to initiate a transverse crack in the adhesive layer of the sandwich speci-
mens loaded in static tension:
– Test temperature (−50oC, −40oC, −30oC, −20oC, 23oC).
– Post curing temperature (50oC, 70oC, 90oC).
– Laminate type (Laminate A, Laminate B).
– Laminate thickness (Laminate B).
• The effect of variables on the evolution of multiple cracking of the adhesive layer of the sandwich
specimen loaded cyclic:
– Laminate thickness (Laminate B).
3. Approach for determination of stress in the adhesive at first crack
The approach for determination of stress in the adhesive at first crack, σfc, in static tensile tests
of the sandwich specimen, shown in Figure 1 (B), is presented schematic in Figure 2.
3.1. Model prediction
It is assumed that the stress level at which first crack of length, 2a, in the adhesive of the sandwich
specimen in Figure 2 (i) can propagate, can be predicted by a relation between the stress in the
adhesive at first crack, σfc, and the mode-I critical stress intensity factor of the adhesive, KIC :
σfc =
KIC√
piaF (a/(h1 + h2), h1/h2, E1/E2, ν1, ν2)
(prediction) (3)
which is a relation on a similar form as for the center cracked test specimen presented by Tada et al.
[46]. The non-dimensional function, F , accounts for the geometry and the stiffness mismatch between
the substrates and the adhesive. F needs to be determined numerically for this bi-material specimen.
KIC of the bulk adhesive should be measured experimentally.
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Figure 2: Approach for determination of stress in the adhesive at first crack, σfc. (i) Model prediction. (ii) Experimental
test. (iii) Comparison of model prediction and experimental test.
3.2. Experimental test
For the experimental tests of the sandwich specimens (static), shown in Figure 2 (ii), the stress in
the adhesive at first crack, i.e. the onset of growth of a crack with length, 2a, is assumed to be the
sum of the residual stress, σr, and the mechanical stress in the adhesive at first crack, σm,fc, as:
σfc = σm,fc + σr (experimental) (4)
where σm,fc can be determined based on the measured strain at first crack, m,fc, and Hooke’s law:
σm,fc = E¯2m,fc (5)
where E¯2 is the plane strain Young’s modulus of the adhesive. A relation between the misfit stress and
the residual stress in the adhesive of the sandwich specimen shown in Figure 1 (B) can be derived by
equilibrium considerations (interface perfectly bonded) and by Hooke’s law in plane stress (x-direction)
[47]:
σr =
σT
1 + ζ2Σ2
(6)
where Σ2 = [E2/(1− ν2)] / [E1/(1− ν1)] and ζ2 = h2/h1 are for the sandwich specimen shown in Figure
1 (B). The misfit stress, σT , of the adhesive can be measured by different methods as demonstrated in
section 5. When the residual stress is determined, the magnitude of σfc can be determined by equation
4.
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3.3. Comparison of model prediction and experimental test
In order to test the accuracy of the methods (”Model prediction” and ”Experimental test” in
Figure 2), a comparison will be made at two different temperatures (23oC and −40oC) according to
the last step in the approach i.e. Figure 2 (iii). The material properties of the adhesive (KIC and E2)
are taken to depend on temperature, T , meaning that σfc will be a function of KIC(T ) and E2(T ).
Furthermore, the experimental method in Figure 2 (ii) will be applied on other sandwich specimens
in order to test the effect of different parameters e.g. post curing temperature, test temperature and
laminate thickness.
4. Modelling of the center cracked test specimen
If pre-existing cracks are present in the adhesive, linear-elastic fracture mechanics (LEFM) with
finite element simulations can be applied to predict the propagation of the crack.
4.1. Methods
The sandwich specimen in Figure 1 (B) is comparable to the center cracked test specimen presented
by Tada et al. [46] where the mode-I stress intensity factor, KI , is given on the form:
KI = σyy,2
√
piaF (a/h2) (7)
where σyy,2 is the stress in the adhesive and 2a is the crack length, see Figure 3 and Figure 4. The
non-dimensional function, F , from Tada et al. [46] is however only valid in absence of elastic mismatch
between substrate and adhesive i.e. for the homogenous specimen. If including elastic mismatch, the
stress intensity factor depends on additional parameters and (7) should be modified to:
KI = σyy,2
√
piaF (a/(h1 + h2), h1/h2, E1/E2, ν1, ν2) (8)
The non-dimensional function, F , is determined numerically by the use of a parametric 2D FE model,
simulated in Abaqus CAE 6.14 (Dassault Systemes) with eight-noded plane strain elements. A quarter
of the sandwich geometry is modelled by imposing a symmetry condition in both the x- and y-directions
as shown in Figure 3. A surface traction, ηyy, is applied on the free boundary in the y-direction. 100
elements are used over distance h2 near the crack in the quarter of the model. A focused mesh were
used in the y-direction in a distance of h2 from the crack tip. The model is parametric with the
non-dimensional groups of a/(h1 + h2), h1/h2, E1/E2, ν1 and ν2.
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Figure 3: Boundary conditions for the FE model, where a quarter of the full model is analysed by finite element
simulations.
4.2. Results from FE model of center cracked test specimen
Finite element results are presented in Figure 4 in terms of the non-dimensional function, F , and
for different elastic mismatch. For the homogenous case (E1/E2 = 1.0), F is compared with the results
presented by Tada et al. [46]. The maximum deviation between the two results is 0.81%. The trend
in Figure 4 is comparable to the partial cracked film problem from Beuth [48] i.e. F increases with
crack length for compliant substrates (E1/E2 . 1) and decreases with crack length for stiff substrates
(E1/E2 & 4). Note, F → 1.0 for a/(h1 + h2) → 0, which is similar to the solution for a center crack
in an infinitely large plate [46] of a homogenous material.
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Figure 4: Finite element modelling results where ν1 = ν2 = 1/3 and h1/h2 = 0.4. The interface is located near
a/(h1 + h2) ≈ 0.7. The FE results are compared with the results (dots) from Tada et al. [46] for E1/E2 = 1.
5. Methods
5.1. Methods - determination of strain energies
The strain energies of the sandwich specimen in Figure 1 (B) will be analysed. In general for a
linear relationship between applied force, P , and displacement, δ, of an elastic body the work done by
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the external force, Vt, to deform the body is [49, 50]:
Vt =
1
2
Pδ (9)
In a linear-elastic body without energy dissipation (such as heat), the work done by the external force,
Vt, can be equated with the total elastic strain energy, Ut [49, 50]:
Ut = Vt (10)
This relation is also known as Clapeyron’s theorem [51, 52]. The total elastic strain energy, Ut, stored
in the body of the sandwich specimen in Figure 1 (B) can be written as the sum of the elastic strain
energy for the specimen without crack, Uno,crack, and the elastic strain energy for the introduction of
the transverse crack, Ucrack, see Tada et al. [46] (Appendix B) or Rice et al. [53]:
Ut = Uno,crack + Ucrack (11)
The change in strain energy due to the introduction of the transverse crack in the sandwich specimen
in Figure 1 (B) can be determined by the principles presented by Beuth [48] as:
Ucrack =
∫ x=+a
x=−a
GIda = 2
∫ x=a
x=0
GIda (12)
where Ucrack can be interpreted as the change in strain energy when the crack extends over the length
from x = −a to x = +a. Using the Irwin relation [54], GI = K2I /E¯2, and equation 8 for KI , the strain
energy, Ucrack, becomes:
Ucrack =
2piσ2yy,2
E¯2
∫ x=a
x=0
[
a [F (a/(h1 + h2), h1/h2, E1/E2, ν1, ν2)]
2
]
da (13)
The integral in equation 13 can e.g. be evaluated by numerical integration over the crack length, 2a,
using the finite element modeling result for F in Figure 4. Thus, if the input parameters to equation
13 are known, the increase of strain energy due to the formation of a transverse crack in the adhesive
can be predicted.
5.2. Methods - determination of residual stresses
A new approach is proposed that allows the residual stress to be determined in several different ways.
With this approach, it is possible to mimic the process conditions and constraints of the structural
adhesive joint i.e. reproduce the thermal boundary conditions and the constraining effect from the
laminates on the adhesive. Thus, an advantage of the new approach is that all process related effects
contributing to the residual stress will be included in the measurement. As a part of the new approach,
five different methods can be applied on the same sandwich specimen/bi-layer specimen (in Figure 5
and 6) in order to test the accuracy of each method. Method 1 to 4 to determine the misfit stress
experimentally are presented graphically in Figure 6, whereas Method 5 is a theoretical estimate:
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• Method 1 - based on strains measured by FBG in sandwich specimens.
• Method 2 - based on dial gauge to measure curvature of bi-layer specimens.
• Method 3 - based on strain gauge and FBG to measure curvature of bi-layer specimens.
• Method 4 - based on strains measured by strain gauge on free laminates (debonded).
• Method 5 - based on theoretical estimate using a reference temperature.
First the sandwich specimen is manufactured (Step 1-3) in Figure 5. The contraction of the
sandwich specimen in the y-direction after curing in Figure 5 and Figure 6 is indicated by ∆L. The
contraction of the adhesive in the x-direction is indicated by the adhesive thickness before curing, 2h2c,
(liquid state) and the thickness of the adhesive after curing, 2h2 (solid state). After manufacturing,
the contraction of the specimen is measured with the FBG in the sandwich specimen (see Method
1 in Figure 6). The bottom laminate is removed and the curvature is measured (see Method 2 in
Figure 6). The FBG is now embedded in the adhesive (see Method 3 in Figure 6) and the strains are
measured by the strain gauge, SG1, and the FBG. The strain gauge, SG2, measures a strain on the
free laminate (Method 4 in Figure 6). Method 5 is a direct estimate of the misfit stress based on a
reference temperature, the test (operational) temperature, and the coefficients of thermal expansion.
Method 1 to 4 is used to determine the actual residual stress magnitude in the adhesive irrespective
of the mechanism behind i.e. chemical shrinkage, thermal expansion mismatch, creep or other phe-
nomena. In turn, for Method 5 it is assumed that the only contribution to the residual stress comes
from the temperature and the coefficient of thermal expansion. The methods are presented in details
in the next sections where dimensionless parameters are introduced to reduce the number of variables
(see symbols in Figure 6):
Σ2 =
E2/(1− ν2)
E1/(1− ν1) , ζ2 =
h2
h1
(sandwich specimen), ζ2∗ =
h∗2
h∗1
(bi-layer specimen) (14)
where h∗1 and h
∗
2 are the thickness of the substrate and adhesive for the bi-layer specimen, respectively.
Note, the relations in Figure 6 between the sandwich and the bi-layers specimens, h∗1 = h1 and
h∗2 = 2h2.
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Figure 5: Manufacturing principle. Step 1: Mounting of FBG before injection of the adhesive. Step 2: After injection
of the adhesive, but before curing of the adhesive. Step 3: After curing of the adhesive. Note, σyy,1 will be compressive
and σyy,2 will be tensile (σr = σyy,2) since the adhesive contracts during the curing process.
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Figure 6: Approach that includes four experimental methods to determine the residual stress of the adhesive after curing.
Method 1: Measure strains with FBG. Method 2: Measure curvature with dial gauge. Method 3: Determine curvature
with FBG and SG1. Method 4: Measure in-plane strains by SG1 on free laminate. Note, h∗1 = h1 and h
∗
2 = 2h2.
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5.3. Method 1 - based on strains measured by FBG on sandwich specimen
The procedure for Method 1 is: (see the three steps in Figure 5)
• Attach the FBG to the laminate and read off the absolute wavelength of the FBG (Step 1).
• Inject the adhesive in-between two laminates in order to cast a sandwich specimen (Step 2).
• After curing of the adhesive, measure absolute wavelength of the FBG for the sandwich specimen
(Step 3).
All measurements should be made at room temperature unless a temperature compensation is
applied. The measured absolute wavelength before injection of the adhesive is used as a reference
value. After injection- and curing of the adhesive, the FBG measures an absolute wavelength that can
be converted to an in-plane strain, FBG, by using the FBGs gauge factor and the reference value. An
equilibrium condition between the forces in the adhesive and the laminate can be used to determine
the residual stress as demonstrated in Appendix A. Thus, the stress in the adhesive of the sandwich
specimen, σyy,2, can be calculated by:
σyy,2 =
−E¯1FBG
ζ2
(15)
where E¯1 is the plane strain Young’s modulus of the substrate. The misfit stress in the adhesive can
be determined by rewriting equation 6 as:
σT = −σyy,1
(
1
ζ2
+ Σ2
)
= σyy,2 (1 + ζ2Σ2) (16)
where σyy,1 is the normal stress in the substrate acting in the y-direction.
5.4. Method 2 - based on dial gauge to measure curvature of bi-layer specimen
The procedure for Method 2 is:
• After curing of the adhesive, peel off one of the laminates of the sandwich specimen.
• Measure beam height at points on the top surface by a dial gauge (Method 2 in Figure 6).
• Fit circle to the points on the beams top surface to determine the radius of curvature, r.
• Determine the curvature, κ = 1/r.
Having determined κ, of the bi-layer specimens the misfit stress can be determined from [13]:
σT =
(Σ2ζ
2
2∗ − 1)2 + 4Σ2ζ2∗(1 + ζ2∗)2
6ζ22∗(1 + ζ2∗)
[
E2h2κ
Σ2(1− ν2)
]
(17)
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5.5. Method 3 - based on strain gauge and FBG to measure curvature of bi-layer specimen
The procedure for Method 3 is:
• After curing of the sandwich specimen, zero the strain gauge and read off the absolute wavelength
of the FBG (reference value).
• Peel off the bottom laminate of the sandwich specimen.
• Measure the strain, SG1, on the top surface by strain gauge SG1 and measure the absolute
wavelength by the FBG on the bottom surface. Convert the absolute wavelength to strain,
FBG, using the FBGs gauge factor and the reference wavelength.
• Determine the curvature based on measured strains.
The curvature, κ, of the bi-layer specimen can be determined by the measured strains from the strain
gauge SG1, SG1, on the top of the beam and the strain measured by the FBG on the bottom of the
beam. The relation between the beam normal strain, yy, and the beam curvature, κ, is:
yy = κx (18)
where x is the distance from the elastic center to the point of interest. For the determination of κ, the
position of the neutral axis is not needed since it is the sum of the thickness (h∗1 + h
∗
2) that enters the
equation (SG1 and FBG are mounted on the top and bottom surface, respectively):
κ =
(SG1 − FBG)
(h∗1 + h
∗
2)
(19)
where SG1 is a positive value and FBG is a negative value. Based on κ, the misfit stress can then be
determined from equation 17.
5.6. Method 4 - based on strains measured by strain gauge on free laminate
The procedure for Method 4 is:
• After curing of the sandwich specimen, mount the strain gauge (SG2) on the bottom laminate.
• Peel off the bottom laminate from the sandwich and measure the tensile strain by SG2.
Strain gauge SG2 measures SG2 on the free laminate that is peeled off from the sandwich specimen
as shown in Figure 6. The stress in the adhesive of the sandwich can then be determined by assuming
perfect bonding of the adhesive/laminate interface in the sandwich specimen and by using an equili-
brium condition between the forces in the laminate and the adhesive as demonstrated in Appendix A.
Thus, the stress in the adhesive of the sandwich specimen, σyy,2, can be determined by:
σyy,2 =
E¯1SG2
ζ2
(20)
For Method 4, the misfit stress in the adhesive can finally be determined by equation 16.
15
5.7. Method 5 - based on estimate using a reference temperature
The misfit stress in the adhesive can be estimated based on the temperature difference between
a reference temperature, Tr, e.g. the curing or the post curing temperature, and the current test
temperature, Tt [13]. Thus, the misfit stress for Method 5 is denoted σ
∆α
T and it can be calculated as:
σ∆αT = 
∆α
T
E2
(1− ν2) = (α1 − α2)(Tt − Tr)
E2
(1− ν2) (21)
where α1 and α2 are the coefficients of thermal expansion of the substrate and the adhesive, respectively.
Tr can be assumed to be the post curing temperature or the peak curing temperature of the adhesive.
In Method 5, it is assumed that the chemical shrinkage of the adhesive happens when the adhesive
is viscous or visco-elastic, and thus does not contribute to the build up of residual stresses. It is also
assumed that all deformation is elastic [13].
5.8. Misfit stress reference value
A misfit stress reference value, σ∆αT , is determined by Method 5, where the reference temperature,
Tr, is taken to be the post curing temperature, TPC = 50
oC, and the test temperature, Tt, is taken to
be the measured room temperature, TR = 23
oC. The other material properties (α1, α2, E2, ν2) are
measured experimentally in the laboratory on the bulk materials. The predicted result by Method 5 for
σ∆αT is used as reference value and therefore used for normalisation of the misfit stress measurements
obtained by the other methods.
6. Manufacturing
Two sandwich specimen configurations with laminates of different layup (fibre architechture) were
used for the present study, namely Laminate A and Laminate B. These laminates were primarily made
of uni-directional glass fibres oriented in the y-direction and the stiffness were comparable. The same
type of adhesive was used for all specimens. The exact properties of the laminates and adhesive are
confidential and therefore the results will be presented in a non-dimensional form.
6.1. Manufacturing of sandwich specimens
First the laminates were manufactured of glass fibre non-crimp fabrics in a VARTM process in
the laboratory and subsequently the laminates were post cured. Hereafter, as shown in Figure 7, the
adhesive was injected through a 10 mm hole drilled in the middle of the laminate. Following the
injection, the sandwich (laminates+adhesive) was stored for 20 hours at room temperature, TR. The
temperature of the adhesive during curing, TC , was measured by a thermo-couple in the middle of the
adhesive layer through the injection hole and at the four corners of the sandwich. The peak curing
temperature of the adhesive was measured by the thermo-couple to ≈ 45oC ± 5oC and slightly lower
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at the corners of the sandwich. Therefore, the post curing temperature, TPC , was set to TPC = 50
oC
for 24 hours as standard in order to ensure uniform temperature and -curing over the entire sandwich
plate. The sandwich plate was cut into rectangular specimens following the dotted cutting lines shown
in Figure 7.
Adhesive
Lines for
cutting
Laminate
Laminate
x
y
z
Injection hole
Figure 7: Manufacturing of standard sandwich specimens consisting of two laminates bonded by an adhesive. A hole in
the middle is used for injection of the adhesive and for measuring the temperature with a thermo-couple.
6.2. Manufacturing of bi-layer specimens with FBGs
In the manufacturing of the bi-layer specimens, one of the laminates of the sandwich plates was
cast with a thin peel ply on, as shown in Figure 8, to create a weak interface that enable separation
after manufacturing.
FBG1FBG2
FBG3
FBG4FBG5
FBG6
Peel ply
Adhesive
UD fiber direction
Lines for
cutting
Laminate
Peel plyLaminate
x
y
z
Injection hole
Figure 8: Manufacturing of bi-layer specimens made from a sandwich plate (laminate/adhesive/laminate) and with
FBGs embedded.
The optical fibers with FBGs were bonded to the peel ply using a Lock-tide type adhesive near the
edges of the plates such that the FBGs were free to move at the gauge section where the strain was to
be measured. The purpose of attaching the optical fibers was to avoid movement of the optical fibers
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during injection of the adhesive. Thus, misalignment between the optical fibers and the primary fiber
direction of the laminate (y-direction in Figure 8) could be avoided. Finally, the adhesive was injected
through the hole and the sandwich was cured and post cured.
6.3. Manufacturing of bi-layer and sandwich specimens for different post curing temperatures
Bi-layer specimens were manufactured using a procedure similar to that described in section 6.2.
Six plates with sandwich specimens were manufactured and post-cured at temperatures of 50oC, 70oC
and 90oC for 24 hours for sandwich specimens with Laminate A and -B, respectively. For half of the
sandwich plate, a peel ply was cast with the laminate in order to ease the removal of the laminate for
the six bi-layer specimens. The bi-layer specimens were cut out from the same plate as the sandwich
specimens according to Figure 9. Thus, the misfit stress results determined by the bi-layer specimens
(Method 2) will be a direct measure of the misfit stress in the sandwich specimens.
Peel ply
1 2 3 4 5 6
1 2 3 4 5 6
7 8 9 101112
Bi-
lay
er 
sp
ec
im
en
s
y
z
y
x
y
x
Sa
nd
wic
h s
pe
cim
en
s
Sandwich specimens Bi-layer specimens
Figure 9: Manufacturing of 12 sandwich specimens and 6 bi-layer specimens from a single sandwich plate.
7. Experimental procedure
7.1. Experimental procedure - bi-material specimens to measure residual stress
The instrumentation of the sandwich specimens used for determination of the residual stress in the
adhesive is presented in Figure 10 (A). The strain gauges (type: HBM 6/350 LY11) and FBGs (type:
HBM Fiber Bragg Grating K-SYS-FSA) measure over a gauge length of 6 mm and 8 mm, respectively.
The curvatures of the bi-layer specimens are measured using a dial gauge (type, Mitutoyo with ID-
U1025). Generally, between 6 and 10 specimens were tested in each series of test specimens.
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Figure 10: Instrumentaion of specimens: (A) Bi-material specimen to measure residual stress. (B) Sandwich specimen
for tensile tests.
7.2. Experimental procedure - static tensile tests of sandwich specimens
Tensile tests were conducted in order to determine the strain corresponding to the appearance
of the first crack in the adhesive layer. The tensile test setup and instrumentation of the sandwich
specimens are presented in Figure 10 (B). For all tests the strains were measured by a clip gauge, which
was attached to the adhesive as shown in Figure 10 (B). The specimens were loaded in quasi-static
tension with a load rate of 1 mm/min using a test machine (type: Instron AE08145) with a load cell.
5-8 specimens were tested in each series. During loading the mechanical strain, m, increased linearly
with time until the first crack appeared in the adhesive. This strain was denoted the mechanical strain
at first crack, m,fc. The appearance of first crack in the adhesive was detected by a sudden drop in the
measured force-strain curve, but also on images taken during the test using a digital camera (Nikon
D500 with 2784x1856 pixel resolution). Four series of sandwich specimens were loaded inside a climate
chamber at low test temperatures of Tt ≈ −20oC, −30oC, −40oC, −50oC. The Young’s modulus of
the adhesive, E2, was measured using a dog bone specimen tested at 23
oC and −40oC following the
standard ”ISO 527-2: 2012”.
7.3. Experimental procedure - cyclic loaded tests of sandwich specimens
Sandwich specimens were loaded cyclic (load control) in tension-tension with a load R-ratio of
R = 0.1 where the test temperature was 23oC. 7-8 sandwich specimens were tested in each series.
Images were taken with a frequency such that approx. 50-100 images were captured per test. In order
to detect cracks, the images were taken by stopping the test and loading the sandwich specimen to
90% of the maximum applied strain i.e. 0.9m,max. Each stop took 5 seconds.
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8. Results from residual stress measurements
8.1. Results - FBG strain measurements during manufacturing
In the manufacturing, the FBGs were measuring the straining of the sandwich specimens during
the different steps in the bonding process. The three main steps were presented in Figure 5. The
measurements in Figure 11 (A-B) are numbered to indicate the corresponding manufacturing step:
1. After mounting of the FBG on the laminate.
• FBGs were mounted and the recorded strain (wavelength) was used as reference for zero
since the optical fibre was taken to be stress free.
2. After injection of the adhesive.
• A few minutes after injection of the adhesive, the measured strain increased.
3a. After curing at room temperature (before demoulding).
• The measured strain decreased after the adhesive had cured at room temperature for 20
hours.
3b. After demoulding (plates were removed from bonding fixture).
• The measured strain was not affected significantly by demoulding (no trend identified).
3c. After post curing (the specimens were still in one sandwich plate).
• The measured strain decreased after post curing.
3d. After cutting of the sandwich plate into specimens.
• After the sandwich specimens were cut out from the sandwich plate, the measured strains
decreased.
In the above list, Step 3 in Figure 5 is divided into sub steps in order to cover additional measu-
rements. All FBG strains were measured at room temperature in the laboratory, but in Step 2 the
adhesive had just begun to generate exothermal heat according to the temperature measurements. The
manufacturing Step 3c (post curing) was identified, based on Figure 11 (A-B), as the manufacturing
step where the primary residual stress builds up.
8.2. Misfit stress results for methods 1 to 5
The misfit stress results determined using Method 1 to 5 are presented in Figure 12 for different
test series with Laminate A and Laminate B. The measurements for 1.0A, 2A, 3A and 4A in Figure
12 are from the same series of specimens (from same sandwich plate) and similarly for 1.0B, 2B, 3B
and 4B. Series 1.1A and 1.1B are two additional series of specimens from two separate sandwich plates
with FBGs.
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Figure 11: Strain measured with FBG during the manufacturing steps with four different test series of sandwich speci-
mens: (A) Two test series with Laminate A (1.0A with dashed lines and 1.1A with solid lines). (B) Two test series with
Laminate B (1.0B with dashed lines and 1.1B with solid lines).
The results based on FBG measurements from test series 1.0A, 1.0B, 1.1A and 1.1B in Figure 12
are taken from the last measurement with FBG (manufacturing Step 3d in Figure 11) i.e. four different
test series with 3-6 samples each. The error bars indicate the standard deviation for each test series
i.e. the specimen-to-specimen variations.
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Figure 12: Misfit stress results determined experimentally by the methods 1 to 5, where σ∆αT is the misfit stress
determined by Method 5 (used as reference value for normalisation).
The results from Method 1 (FBG in sandwich) and Method 4 (strain gauge on free laminate),
which are based on strain measurements, are lower than the misfit stresses determined by the other
methods. Results from Method 2 (bi-layer curvature measured by dial gauge) and Method 3 (bi-layer
curvature measured by strain gauge and FBG) are both based on the determined curvature of the bi-
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layer specimen and these results are in close agreement. It is noticeably that the results from Method
2, 3 and 5 are relatively close and with a small standard deviation as indicated by the error bars in
Figure 12.
8.3. Misfit stress measured for different post curing temperatures
The effect of post curing temperature on the magnitude of misfit stress is determined using bi-
layer specimens manufactured by the procedure described in section 6.3. The misfit stress results are
determined at 23oC using Method 2 (bi-layer curvature measured by dial gauge) and presented in
Figure 13 for different post curing temperatures. Clearly, the misfit stress increases (almost linearly)
with increasing post curing temperature.
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Figure 13: Misfit stress results determined at room temperature based on bi-layer specimens using Method 2 (bi-layer
curvature measured by dial gauge) for post curing temperatures of 50oC, 70oC and 90oC.
9. Results from tensile tests of sandwich specimens under quasi-static loading
9.1. Results for stress in the adhesive at first crack - comparison of prediction with experimental tests
Propagation of a crack from a small void in the adhesive of the sandwich specimens was observed
on images taken during the experimental tensile test e.g. as shown in Figure 14. However, crack
propagation from the void towards the adhesive-laminate interface was rapid, and instantaneously the
crack propagated across the full width of the specimen (in z-direction). The stress in the adhesive at
onset of propagation of first transverse crack from a small void, σfc, was determined at temperatures
of 23oC and −40oC using the two different methods in point (i) and (ii) of the approach in Figure 2
i.e. based on ”(i) Model predictions” and ”(ii) Experimental tests”.
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Input parameters for the two methods were measured experimentally on the bulk materials in the
laboratory. The material properties of the adhesive were measured at temperatures of 23oC and −40oC
on specimens that were manufactured under similar process conditions as the sandwich specimens. The
mode-I critical stress intensity factor, KIC , was measured by a compact tension test of the bulk adhesive
using the standard ”ASTM D5045” at temperatures of 23oC and −40oC. The Young’s modulus of
the adhesive, E2, was measured by a dog bone specimen using the standard ”ISO 527-2: 2012” at
temperatures of 23oC and −40oC.
(i) Prediction: The stress in the adhesive at first crack of the sandwich specimen shown in Figure
1 (B) was predicted based on the FE model and equation 3. As an approximation the crack length,
2a, was taken to be the maximum measured void sizes in the adhesive of the sandwich specimens. The
size of the six largest voids on the surface of the adhesive in Figure 14 was measured to a/(h1 + h2) ≈
0.042 with a standard deviation of ±0.01. Thus, the value of the non-dimensional function, F , was
determined based on the modeling result in Figure 4 to F ≈ 1. Having determined KIC , F and a, the
value of σfc could be determined by equation 3.
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yx(A) (B)
6 2h 22h 2
6
Figure 14: The sizes of six voids in the adhesive layer of a sandwich specimen were measured on the photo. The time
interval between (A) and (B) is six seconds. The laminate thickness was h1/h2 = 0.45, but the laminates are not shown
in the photo due to confidentiality.
(ii) Experimental test: For experimental tests of two series of test specimens (23oC and −40oC),
the stress in the adhesive at first crack for the sandwich specimen shown in Figure 1 (B) was taken
to be the sum of the residual stress and the mechanical stress as shown in equation 4. Here, σm,fc
was determined based on the measured mechanical strain from the clip gauge, m,fc, using equation
5. The misfit stress was determined at 23oC using Method 2 (section 5.4) and at −40oC by Method 5
(section 5.7). Thus, the residual stress, σr, could be determined based on equation 6 and finally σfc
could be calculated by equation 4.
(iii) Comparison: A comparison between the predicted results and the experimental results for
σfc at temperatures of 23
oC and −40oC is presented in Figure 15. It was a hypothesis that equation
3 could be used to predict σfc although the FE model was developed for an infinitely sharp start-
crack using LEFM whereas the shape of the pre-existing cracks in the adhesive layer of the sandwich
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specimens were more uncertain. However, this hypothesis cannot be rejected since the error bars for the
”Experimental” and ”Prediction” in Figure 15 overlaps i.e. the prediction is close to the experimental
results for both 23oC and −40oC. Since results from two independent methods determined at two very
different temperatures are consistent, the methods seem to be promising for the determination of the
stress in the adhesive at first crack for the sandwich specimens. Therefore in the next sections, the
experimental method in Figure 2 (ii) is applied to investigate the effect of different parameters (post
curing temperature, test temperature, laminate thickness) on the magnitude of σfc.
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Figure 15: Results for stress in the adhesive at first crack for temperatures of 23oC and −40oC. Comparison of prediction
with experimental test results using the approach in Figure 2.
9.2. Stress in the adhesive at first crack - effects of post curing temperature
The effect of post curing temperature on the stress in the adhesive at first crack was investigated
by static tensile tests using the sandwich specimens shown in Figure 9. The sandwich specimens
were post cured at 50oC, 70oC and 90oC and the residual stresses were measured by Method 2 on
bi-layer specimens that were cut out from the same plate as the sandwich specimens, see Figure 9,
i.e. in specimens manufactured under similar process conditions. From the results of the tensile tests
presented in Figure 16, it can be seen that with increasing post curing temperature, the stress in the
adhesive at first crack decreases in a nearly linear manner. This trend can to some extend be explained
by an increase in residual stresses (if it is assumed that Tr = TPC). However, since σfc differs for the
different tests the material properties of the adhesive (e.g. strength, toughness) might have changed
slightly for the different post curing temperatures tested.
9.3. Stress in the adhesive at first crack - effects of low test temperatures
The effect of low temperatures on the stress in the adhesive at first crack was investigated by testing
the sandwich specimens shown in Figure 7. The results presented in Figure 17 show that as the test
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Figure 16: Results for stress in the adhesive at first crack of the sandwich was determined by: σfc = σr + σm,fc.
Here, σm,fc was determined from the measured mechanical strain in the tensile test and σr was determined from the
measurements for Laminate A in Figure 13. For these tests 0.08 ≤ σr/σfc ≤ 0.14.
temperature decreases, the stress in the adhesive at first crack decreases in a nearly linear way. This
tendency can to a certain extend be explained by an increase in residual stresses according to equation
21. The finding that the magnitude of σfc differs for the different test temperatures suggests that the
material properties of the adhesive (e.g. strength, toughness) are temperature dependent.
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Figure 17: Results for stress in the adhesive at first crack was determined by: σfc = σr + σm,fc. Here, σm,fc was
determined based on the measured mechanical strain in the tensile test and σr was predicted using Method 5 at different
Tt and with Tr = 50oC. For these tests 0.25 ≤ σr/σfc ≤ 0.41.
9.4. Stress in the adhesive at first crack - effects of laminate thickness
The stress in the adhesive at first crack of the sandwich specimen with Laminate B was determined
experimentally for different laminate thickness (h1/h2 = 0.45, h1/h2 = 0.65, and h1/h2 = 0.85). The
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sandwich specimens were manufactured using TPC = 50
oC and the adhesive thickness was similar for
all specimens. Figure 18 (A) shows that the effect of laminate thickness on the stress in the adhesive
at first crack is relatively small. Equation 6 and the misfit stress determined by Method 2 (series 2B
in Figure 12) were used to determine the residual stress result in Figure 18 (B). As shown by equation
6, when Σ2 → 0 and ζ2 → 0 then σr → σT . Equivalently, for the specimen shown in Figure 18 (B)
where the laminate stiffness is high (E1/E2 ≈ 12.0), this means that when h1/h2 →∞ then σr → σT .
For all cases σr ≤ σT . Thus, worst case is when the residual stress value reaches the magnitude of
the misfit stress since the misfit stress can be interpreted as the upper limit for the residual stress in
the adhesive of the sandwich specimen in Figure 18 (B). For these tests the ratio of residual stress to
stress in the adhesive at first crack was between 0.10 ≤ σr/σfc ≤ 0.11.
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Figure 18: (A) Results for stress in the adhesive at first crack from static tensile tests of sandwich specimens with
different thicknesses of the laminates. Dots are measurements and the dashed line is the average of σm for all tests and
the solid line is the prediction by equation 6. (B) Residual stress model (equation 6) for different thickness ratio based
on misfit stress determined experimentally by Method 2 in Figure 12. Vertical lines indicate the h1/h2 values of interest.
10. Results from tensile tests of sandwich specimens under cyclic loading
10.1. Results from tests of sandwich specimens under cyclic loading - effects of laminate thickness
The effect of laminate thickness on the number of cycles to first crack in the adhesive layer of the
sandwich specimens with Laminate B were tested for three configurations including h1/h2 = 0.45,
h1/h2 = 0.65 and h1/h2 = 0.85. The residual stress in the adhesive of the sandwich specimen was
determined from the misfit stress measurement by Method 2 (series 2B in Figure 12) and by equation
6. Residual stress increased the mean stress in the adhesive, but not the stress amplitude. Thus, the
load R-ratio (R = σmin/σmax) experienced by the adhesive increased from R = 0.1 to R ≈ 0.2− 0.3.
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The maximum mechanical strain, m,max, applied in the cyclic loaded test was normalised by the
average mechanical static strain at first crack, ¯m,st, based on the results in Figure 18 (A). Figure
19 shows that the number of cycles for the first transverse crack to extend across the thickness of
the adhesive layer of the sandwich specimen is comparable for the different laminate thickness tested
(h1/h2 = 0.45, h1/h2 = 0.65, and h1/h2 = 0.85). This suggests that crack initiation in the adhesive
is primarily driven by the stress level and the defect size, and less sensitive to the thickness of the
laminate i.e. the constraining effect of the laminate. Figure 20 shows the number of cycles for the
occurrence of the first and subsequent cracks for various applied maximum strain levels. It seems
that when the maximum applied mechanical strain, m,max, becomes smaller, the crack density of the
adhesive increases. Although the effect is small, the appearance of subsequent cracks seem to occur
faster (i.e. at a lower number of cycles) for decreasing substrate thickness.
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Figure 19: Number of cycles to first crack in the adhesive for different configurations of h1/h2.
10.2. Strain energy - comparison of prediction with experimental test
The test with the second highest strain level in Figure 20 (B) with thickness of h1/h2 = 0.65 is
selected for further analysis. The work done by the applied external forces can be used to determine
the strain energy of the sandwich specimen experimentally by equation 9 and equation 10 in section
5.1 based the measured force by the load cell, P , and the measured displacement by the clip gauge, δ.
Thus, the strain energy was measured for the part of the sandwich specimen volume that was within
the gauge length of the clip gauge, see Figure 21 (A). The strain energy during the cyclic loaded test of
this specimen is presented in Figure 21 (A), where the current specimen strain energy, Ut, is normalised
by the initial specimen strain energy, Uno,crack.
The first two transverse cracks in the adhesive were identified on images at about 3000 cycles, see
Figure 20 (B) and Figure 21 (B-C). The increase in strain energy due to the evolution of Crack 1 and
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Figure 20: Transverse crack measurements from cyclic loaded tests of sandwich specimens with different thickness of
Laminate B. (A) h1/h2 = 0.45, (B) h1/h2 = 0.65, (C) h1/h2 = 0.85.
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Crack 2 could be measured by the clip gauge since these two cracks initiated inside the gauge length
of the clip gauge (close to the middle of the specimen length). Crack 1 and Crack 2 evolved nearly
simultaneously (at N ≈ 3000 cycles) according to both the measured strain energy in Figure 21 (A)
and the images captured during the test. Crack 3 and Crack 4 evolved outside the gauge length of
the clip gauge and the change in strain energy caused by Crack 3 and Crack 4 could therefore not
be captured by the clip gauge measurement. However, the images and the small bumps on the curve
in Figure 21 (A) indicate that Crack 3 and Crack 4 evolved in the adhesive at N ≈ 9000 cycles and
N ≈ 13000 cycles, respectively.
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Figure 21: (A) Strain energy measured by clip gauge during the test with strain level of m,max/¯m,st ≈ 0.48 in the test
series with h1/h2 = 0.65 i.e. the second highest loaded test in Figure 20 (B). (B) Photo near Crack 1 at 2500 cycles
(a < h2). (C) Photo near Crack 1 at 3000 cycles (a = h2).
When the first two cracks appeared across the width of the adhesive layer in the beginning of the
test in Figure 21 (A), the increase in strain energy due to the crack, Ucrack, could be determined by
equation 13. Using the inputs from the test in Figure 21 (h1/h2 = 0.65, E1/E2 = 12, σyy,2) together
with the function, F , in Figure 4 gives a predicted strain energy of Ucrack/Uno,crack = 0.055±0.01 (for
two cracks). In this model prediction it was assumed that the inputs to equation 13 (h1/h2 = 0.65,
E1/E2 = 12, σyy,2) could be determined within an accuracy of ±5%. Note in Figure 4 that when
E1/E2 & 8.0, the sensitivity of E1/E2 on F is small.
Comparing Ucrack/Uno,crack = 0.055 with the measured increase in strain energy Ut/Uno,crack in
Figure 21 (A) for two transverse cracks at N ≈ 3000 cycles gives a relative deviation of ∼ 2% between
the strain energy prediction of Ucrack/Uno,crack and the measured change in Ut/Uno,crack. Thus, the
strain energy prediction is consistent with the measurement.
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11. Discussion
11.1. Discussion of the residual stress results
It is expected that measurement of small strains in comparison with measurement of large strains,
is more sensitive to uncertainties in the measurement procedure and equipment. For the methods
based on strain measurements (Method 1,3,4), the gauge length was short (6-8 mm) and thus the
measurements may be sensitive to local variations. In Method 3, the strain measurements by the
strain gauge SG1 and the FBG were used to determine the curvature. In the curved bi-layer specimen
(Method 3), the measured strain values were approx. a factor two higher than the measured in-plane
strains in the sandwich specimen by FBG (Method 1) and the free laminate by SG2 (Method 4). It
is therefore expected that the strain measurements from the bi-layer curvature specimens (Method
3) are less influenced by measurement inaccuracies i.e. strain gauge/FBG accuracy, -signal noise and
-misalignment during mounting. The curvature in Method 2 was measured by the dial gauge over the
entire specimen length, which was more than 500 mm. Thus, the result can be assumed to average
out local variations in e.g. thicknesses and stiffnesses. This suggests that the misfit stress results
determined by Method 2 and -3 are the most accurate. This is supported by the estimate by Method
5 according to Figure 12.
One of the difficulties in Method 5 is to measure the right value of reference temperature, Tr, where
the adhesive shifts from liquid state to solid and starts behaving elastically with fixed stiffness. The
stiffness buildup is expected to take place gradually during the curing process, which complicates the
determination of Tr. Therefore, it is most likely not completely accurate to select Tr as the temperature
where the cross linking occurs, the peak temperature during curing or the post curing temperature.
Time dependency of the adhesive is another uncertainty in the test. At high temperatures and in
the early stages of curing, the adhesive is assumed to be visco-elastic and to relax stresses by creep.
However, the time dependency of the specific adhesive is unknown. It is likely that the time from
manufacturing to test might have an effect on the resulting measurements. E.g. in the bi-layer test,
the misfit stress might decrease over time due to creep and stress relaxation in the adhesive when the
adhesive is bonded to a stiffer laminate. It is therefore suggested to track the thermal history of the
adhesive joint in order to characterise and improve the adhesive material systems in the future.
An uncertainty might be misalignment between the FBG and the primary fiber direction since the
FBG were free to move at the gauge section when the adhesive was injected. Quantification of this
uncertainty is difficult since the FBG was embedded inside the non-transparent adhesive. Uncertainties
in the present experimental study with FBGs includes furthermore temperature changes during the
different process steps, and tolerances for the adhesive thickness.
We believe that the most accurate quantification of residual stress is to measure the residual stress
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directly on the adhesive joint component or in a very similar specimen that are manufactured under
comparable process conditions. Therefore, we believe that it is more accurate to determine the residual
stress in the sandwich specimens than measuring on the neat adhesive in an unconstrained state [55]
or using the ASTM D2566 standard, where the adhesive is cast into an open half pipe shaped steel
mould. The steel mould used in ASTM D2566 cannot reproduce the thermal- and mechanical boundary
conditions of the adhesive joint component correct.
Future studies of residual stresses related to the present work could include measuring the misfit
stress at low temperatures although this would require knowledge of the stiffness properties of the
adhesive at the corresponding temperatures. Investigations of the creep behavior of the adhesive
including stress relaxation at medium high temperatures could be a relevant future study as well.
11.2. Discussion of the tensile test results
Comparing the misfit stress results for the different post curing temperatures in Figure 16 with
the misfit stress results for the different test temperatures in Figure 17, suggests that the change in
residual stress per post curing temperature (σr/TPC) is comparable to the change in residual stress
per test temperature (σr/Tt). Thus, these two distinct types of temperatures seem to have the same
effect on the residual stress in the adhesive.
Alia et al. [3] measured the elongation at break for a bulk adhesive (Bisphenol A-epoxy vinylester
adhesive) as a function of different post curing temperatures using dog bone specimens tested according
to the test standard ISO R527-1-966. They found that the elongation at break decreased with approx.
10% over post curing temperatures ranging from 50oC to 90oC. This result can be compared with the
measurement in the present paper in Figure 16 (post cured at different temperatures) if the residual
stress in the adhesive of the sandwich specimens are taken into account. Furthermore for comparison,
it is a prerequisite that the dog bone specimens tested by Alia et al. [3] are free of residual stresses
and the distribution of defects are comparable. Since, the determined stress in the adhesive at first
crack in Figure 16 decreases with approx. 11 % from 50oC to 90oC of post curing temperature, the
tendency of the results in the present paper are consistent with the measurements by Alia et al. [3]
for a comparable adhesive material system.
The variation of stress in the adhesive at first crack in each test series was relatively large. This
might be attributed the details of the pre-existing defects. The distribution of defect size and shape
from specimen to specimen was not measured, but it is reasonable to assume that there is some
specimen-to-specimen variation. The effect of laminate thickness on the stress in the adhesive at first
crack (shown in Figure 18 (B)) was relatively small, which might be explained by the relatively small
residual stresses for the range of laminate thicknesses tested (at room temperature). The results for
stress in the adhesive at first crack, presented in Figure 16 and Figure 17, are experimentally determined
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and illustrate the effect of different process parameters on the material properties (strength, fracture
toughness) of the adhesive. However, the consistency of the results in Figure 15 suggests that the
stress in the adhesive at first crack can be predicted sufficiently accurate by the approach in Figure 2
if the material properties of the test specimens are measured under the same process conditions and
temperatures.
12. Summary and conclusions
Dependent on the test temperature and processing conditions, the residual stress in the adhesive
layers was determined to ∼8-40% of the stress in the adhesive at first crack in the sandwich specimens.
This shows that the residual stresses were of relative significant magnitude, especially at low test
temperatures. The post curing of the adhesive was identified by the FBG measurements as the step
in the bonding process where the major part of the residual stress builds up.
Prediction of the stress in the adhesive at first crack in the sandwich specimen loaded in tension,
using a novel bi-material FE model, was found to be consistent with experimental results obtained at
temperatures of 23oC and −40oC. The cyclic loaded tests confirmed that the design of the sandwich
specimen was damage tolerant since multiple cracking of the adhesive developed in a stable manner.
Other main conclusions of this study are:
• The effect of post curing temperature:
– The misfit stress increased with increasing post curing temperature.
– The stress in the adhesive (mechanical+residual stress) at first transverse crack decreased
with increasing post curing temperature.
• The effect of test temperature:
– The stress in the adhesive (mechanical+residual stress) at first transverse crack decreased
with decreasing test temperature.
• The effect of laminate thickness:
– The stress in the adhesive (mechanical+residual stress) at first transverse crack under static
loading was relatively insensitive to the thickness of the laminate.
– The evolution of first crack in the adhesive under cyclic loading was relatively insensitive
to the thickness of the laminates.
Based on the conclusions the following design rules are proposed:
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• To keep the residual stresses low, avoid post curing at very high temperatures.
• To reduce the residual stresses (especially at low operation temperatures), minimise the mismatch
in coefficient of thermal expansion between the adhesive and the laminate.
• To increase the applied mechanical stress in the adhesive to initiate the first transverse crack,
post cure at temperatures that are not too high.
• To increase the applied mechanical stress in the adhesive to initiate the first transverse crack,
avoid low operation temperatures.
Acknowledgements
Acknowledgements to the staff at the LM Wind Power laboratory for help manufacturing and
testing the specimens. Thanks to the technicians at DTU Wind Energy for help mounting strain
gauges on the bi-layer specimens. Thanks to Gilmar Ferreira Pereira and Marco Aurelio Miranda
Maduro for help assisting with the mounting and measuring with the fiber Bragg gratings. This
research was primarily supported by grant no. 4135-00010B from Innovation Fund Denmark. This
research was also supported by the Danish Centre for Composite Structures and Materials for Wind
Turbines (DCCSM), grant no. 0603-00301B, from Innovation Fund Denmark.
Appendix A. Derivation of misfit stress in adhesive for sandwich specimen
The procedure to determine the normal stress, σyy,2, and the misfit stress, σT , in the adhesive of
the symmetric sandwich specimens for Method 1 and Method 4 are presented. Method 1 and Method
4 are illustrated in Figure 6 in section 5.2. The procedure to determine the misfit stress in the adhesive
of the sandwich specimen based on the strain measurement is in short:
• Measure the straining of the specimen.
• Determine the force in the substrate based on the strain measurement (equation A.1).
• Set up the force balance between the substrate and the adhesive (equation A.2).
• Determine the stress in the adhesive (equation A.4 and equation A.5).
• Determine the misfit stress in the adhesive (equation A.6).
The procedure to determine the normal stress and the misfit stress in the adhesive of the sandwich
specimen is exemplified for Method 1, where the strain is measured by the FBG. The procedure is
similar for Method 4 except that the strain in Method 4 is measured by the strain gauge SG2, see
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Figure 6. The first step in the procedure is to determine the force in one of the substrates, Pyy,1, which
can be calculated based on the strain measurement, FBG, and Hooke’s law as:
Pyy,1 = E¯1h1FBG (A.1)
where E¯1 is the plane strain Young’s modulus of the substrate and h1 is the thickness of the substrate
as shown in Figure A.22 (A). FBG is the change in strain in the sandwich specimen measured by the
FBG after curing of the adhesive as shown in Figure A.22 (B). By assuming perfect bonding at the
adhesive-substrate interface, the forces in the two substrates, 2Pyy,1, and the force in the adhesive,
Pyy,2, must be in equilibrium both before and after solidification of the adhesive such that:
Pyy,2 = −2Pyy,1 (A.2)
The force balance between the adhesive and the substrate is also illustrated graphically in Figure A.22
(C). Now the stress per unit width in the substrate and in the adhesive can be determined, respectively:
σyy,1 =
Pyy,1
h1
(A.3)
σyy,2 =
Pyy,2
2h2
(A.4)
Equation A.4 for the in-plane normal stress in the adhesive of the sandwich specimen, σyy,2, can be
rewritten by inserting (A.1) in (A.2), and then inserting (A.2) in (A.4) as:
σyy,2 =
−E¯1FBG
ζ2
(A.5)
where ζ2 = h2/h1 is the adhesive to substrate thickness ratio. The misfit stress in the adhesive, σT ,
can be determined by rewriting equation 6 in section 3 to give:
σT = −σyy,1
(
1
ζ2
+ Σ2
)
= σyy,2 (1 + ζ2Σ2) (A.6)
The relation between the normal stresses in the adhesive and the substrates is given by σyy,2 =
−σyy,1/ζ2, which is determined based on equilibrium considerations by inserting equation (A.3) and
(A.4) into equation (A.2).
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Abstract
The effect of a buffer-layer on the steady-state energy release rate of a tunneling crack in the adhesive
layer of a wind turbine blade joint, loaded in tension, is investigated using a parametric 2D tri-material
finite element model. The idea of embedding a buffer-layer in-between the adhesive and the basis glass
fiber laminate to improve the existing joint design is novel, but the implications hereof need to be
addressed.
The results show that it is advantageous to embed a buffer-layer near the adhesive with controllable
thickness- and stiffness properties in order to improve the joint design against propagation of tunneling
cracks. However, for wind turbine blade relevant material combinations it is found more effective to
reduce the thickness of the adhesive layer since the stiffness mismatch between the existing laminate
and the adhesive is already high. The effect of material orthotropy was found to be relatively small
for the blade relevant materials.
Keywords: Tunneling crack, Adhesive bonded joints, Fracture mechanics, Polymer matrix
composites, Finite element analysis
Nomenclature
E1 Young’s modulus of substrate
E2 Young’s modulus of adhesive
E3 Young’s modulus of buffer-layer
E¯1 plane strain Young’s modulus of substrate
E¯2 plane strain Young’s modulus of adhesive
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E¯3 plane strain Young’s modulus of buffer-layer
F non-dimensional function
Gss mode-I steady-state energy release rate
Gxy shear modulus
h1 thickness of substrate
h2 half thickness of the adhesive layer
h3 thickness of buffer-layer
x, y, z coordinates
α12 first Dundurs’ parameter (substrate/adhesive)
α32 first Dundurs’ parameter (buffer-layer/adhesive)
β12 second Dundurs’ parameter (substrate/adhesive)
β32 second Dundurs’ parameter (buffer-layer/adhesive)
δcod crack opening displacement profile
λ first orthotropy parameter
ν Poisson’s ratio
ρ second orthotropy parameter
σyy,2 stress in the adhesive (y-direction)
Biax bi-axial
FE finite element
UD uni-directional
1. Introduction
A typical wind turbine blade joint is manufactured of a structural adhesive layer that is bonding
two glass fiber laminated shells meaning that the structural adhesive is constrained in-between stiffer
laminates. This is exemplified in Figure 1 (A) for a trailing-edge joint in a wind turbine blade.
Observations from full scale blade tests of this joint with tensile stresses, σyy,2, in the adhesive, show
that cracks can initiate at the free-edge and propagate through the adhesive layer as a so-called
tunneling crack. The tunneling crack is constrained by the laminates as shown in the sketch in Figure
1 (A) and the photo in Figure 1 (B).
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Figure 1: (A) Trailing-edge joint with a tunneling crack propagating across the adhesive layer in the z-direction. (B)
Photo of a tunneling crack in a trailing-edge wind turbine blade joint. (C) Typical layers in a glass fiber laminate used
in a wind turbine blade joint.
Novel models are desired for establishing design rules for an improved joint design in order to
prevent tunneling cracks propagating across the wind turbine blade joint in Figure 1 (A). An improved
joint design aims at decreasing the energy release rate for tunneling cracks in the joint and thus enable
a reduction in the amount of reinforcement needed in the laminates. This leads to a reduction in blade
mass and thus a decrease in the cost of energy since lighter blades are more efficient and can save
structural reinforcement in the other wind turbine components e.g. nacelle, hub, tower and foundation
[1].
Generally, the process of tunneling crack propagation includes three-dimensional effects. However,
when the crack in Figure 1 (A) reaches a certain length from the edge (in z-direction), the energy
release rate becomes steady-state meaning that the energy release rate no longer depends on the crack
length. The problem of steady-state propagation of a tunneling crack was analysed for an isotropic
bi-material model by Ho and Suo [2, 3]. Although tunneling cracking is a 3D problem, the steady-state
energy release rate, can be determined exact from a 2D solution by [2, 3]:
Gss = 1
2
σyy,2
2h2
∫ +h2
−h2
δcod(x)dx (1)
where σyy,2 is the far field stress in the cracked adhesive layer (uniform applied stress) and the adhesive
thickness is 2h2 according to Figure 1. δcod(x) is the crack opening displacement profile for the plane
strain crack far behind the crack front. For the elementary case of a central crack in an infinitely large
plate subjected to remote tensile stresses (Griffith crack), the crack opening displacement is [3]:
δcod =
4σyy,2
E¯2
√
(h22 − x2) (2)
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where E¯2 is the plane strain Young’s modulus of the plate. Inserting equation 2 into equation 1 and
evaluating the integral gives [2, 3]:
Gss = pi
4
σ2yy,22h2
E¯2
(asymptotic limit) (3)
This asymptotic limit, established by Ho and Suo [2, 3] in equation 3, is representing the mode-I steady-
state energy release rate of a tunneling crack in a homogenous structure with infinitely thick substrates.
Therefore, it is convenient to normalise other energy release rate results with this elementary case i.e.
[(σ2yy,22h2)/(E¯2)].
The tunneling crack models by Ho and Suo [2, 3] were extended to account for debonding [4, 5, 6],
transient effects for short crack lengths [7] (although first demonstrated for thin film [8, 9]) and material
orthotropy [10, 11]. Yang et al. [10] studied the effect of ply angles on the critical stress to propagate
a tunneling crack embedded in the central layer of a carbon-epoxy laminate. It was found that
the critical stress to propagate the tunneling crack were highest when the uni-directional fibers were
oriented perpendicular to the tunneling crack i.e. fibers oriented in the y-direction in Figure 1. Beom
et al. [11] presented results for the case where only the adhesive layer was modelled with material
orthotropy i.e. the modelling results were limited to substrates with isotropic material properties of
infinitely thickness.
In a wind turbine blade joint the adhesive can be assumed isotropic, but the substrates consist
of several layers of different type, typically uni-directional- (UD) and bi-axial (Biax) glass-fiber layers
as exemplified in Figure 1 (B-C). The in-plane orthotropy of these materials can be described by two
dimensionless parameters [12]:
λ =
Exx
Eyy
, ρ =
(ExxEyy)
1/2
2Gxy
− (νxyνyx)1/2 (4)
which reduces to λ = ρ = 1 for an isotropic material [12]. The material directions of the laminate are
in accordance with the coordinate system in Figure 1, where Exx and Eyy are the Young’s modulus,
Gxy is the shear modulus, and νxy and νyx are the Poisson’s ratio.
The substrates, constraining the adhesive, can be modified in order to prevent the propagation of
tunneling cracks since the substrates are layered composite materials. Thus, one way of improving
the adhesive joint design is to modify the ply-thickness and stiffness of the individual layers of the
laminates. However, modification of the original layup might have a negative effect on the existing
blade design that is designed such that the joint can withstand the various other load cases e.g.
bending, compression and torsion.
Another way to prevent tunneling crack propagation across the adhesive layer of the joint is to
add a new layer, called a buffer-layer, near the adhesive and control the properties of this layer. The
buffer-layer design philosophy is attractive since the original joint design can be maintained and at
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the same time, by adding the buffer-layer, the joint design can be improved against the propagation
of tunneling cracks. Furthermore, it is well known for thin films that it is the thickness and stiffness
of the layer closest to the adhesive that has the greatest constraining effect on the crack [13].
The objective of this research is to study the effect of in-plane stiffness, E, and layer-thickness, h,
on the steady-state energy release rate, Gss, using finite element (FE) models. More specifically, it is
the aim to determine the effect of a buffer-layer on the steady-state energy release rate for an isolated
tunneling crack in the adhesive layer of a wind turbine blade joint. This should lead to design rules for
an improved bonded joint design. The primary applicability is for wind turbine blade relevant joint
design and -material combinations since there is a high demand for novel design rules for adhesive
joints in the wind turbine blade industry.
The design idea of a buffer-layer for improvement of a wind turbine blade joint is novel and the
implications and effects of this buffer-layer need to be investigated before potential implementation
in the future joint design. Therefore, parameter studies with a new symmetric tri-material FE model
is used to address the design challenge. Furthermore, the study of steady-state tunnel cracking for a
multi-layered sandwich structure with orthotropic substrates has not been addressed in the literature.
This includes the applicability on wind turbine blade joints with realistic material combinations.
The paper is organised as follows. In section 2 the materials and the problem are defined, and
in section 3 the finite element modelling techniques are described. Hereafter, tunneling cracking in a
generalised perspective is analysed using first bi-material FE models in section 4 and tri-material FE
models in section 5 (see Figure 2). In section 6, a case study with blade relevant materials demonstrates
how a wind turbine blade joint design are influenced by the presence of a buffer-layer including the
effect of material orthotropy. Finally, a discussion and conclusion highlights the major findings of the
present study.
2. Problem definition
The problem we investigate in the present study is that of an isolated tunneling crack in Figure
2 (A), which is used to clarify the effect of substrate stiffness- and thickness, and used to test the
implementation of the numerical models. This model is extended by embedding a buffer-layer, na-
med material #3 in Figure 2 (B), to analyse the effect of buffer-layer thickness and -stiffness on the
steady-state energy release rate of a tunneling crack. The model is limited to three layers since more
layers complicate the modelling unnecessarily. The effect of material orthotropy of the substrates
is investigated in order to test whether it is feasible to model blade relevant materials as isotropic
materials.
Since stress is applied as boundary condition in the tunneling crack models, Dundurs’ parameters
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can be introduced to reduce the number of elastic parameters controlling the stress field [14, 15]:
αi2 =
E¯i − E¯2
E¯i + E¯2
and βi2 =
E¯if(ν2)− E¯2f(νi)
E¯i + E¯2
(5)
For the bi-material model in Figure 2 (A), i = 1 represents the substrate and for the tri-material model
in Figure 2 (B), i = 1, 3 denotes the substrate and buffer-layer respectively. νi is Poisson’s ratio and
Ei is the in-plane Young’s modulus. E¯i = Ei/(1− ν2i ) and f(νi) = (1− 2νi)/[2(1− νi)] are for plane
strain, and E¯i = Ei and f(νi) = (1 − 2νi)/2 are for plane stress. The Young’s modulus of the UD
composite in the fiber direction, Eyy, is used for the computation of α for the orthotropic materials.
E¯2 is the plane strain Young’s modulus of the adhesive.
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Figure 2: (A) Bi-material model. (B) Tri-material model.
The primary stiffness of a bi-axial glass fiber laminate (Glass Biax), a uni-directional glass fiber
laminate (Glass UD) and a uni-directional carbon-fiber laminate (Carbon UD) are used in the present
study. These materials, referred to as ”blade relevant materials”, are modelled as both isotropic and
orthotropic with the material parameters presented in Table 1. The constitutive properties of Glass
UD and Glass Biax laminates are comparable to those presented by Leong et al. [16], whereas for the
Carbon UD laminate the properties are close to those of the carbon-epoxy laminate used by Yang et al.
[10]. The in-plane stiffness, Eyy, for Glass UD and Carbon UD are also comparable to the values used
in the wind turbine blade design by Mikkelsen [17]. For the cases with isotropic materials (λ = ρ = 1),
the Young’s modulus of the substrate, E1, is set equal to the Young’s modulus of a UD composite in
the fiber direction, Eyy, since this is the primary stiffness parameter constraining the crack. For all
models the adhesive is modelled as isotropic and νi = 1/3 such that for plane strain βi2 = αi2/4.
Isotropic Orthotropic
Material name αi2 βi2 λ ρ αi2 βi2 λ ρ
Glass Biax 0.54 0.13 1.00 1.00 0.54 0.13 1.00 0.67
Glass UD 0.85 0.21 1.00 1.00 0.85 0.21 0.26 1.62
Carbon UD 0.94 0.23 1.00 1.00 0.94 0.23 0.11 2.69
Table 1: Material properties for ”blade relevant materials”.
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3. Finite element modelling of a tunneling crack
In the present study δcod(x) in equation 1 is determined by a 2D FE model with eight-noded plane
strain elements simulated in Abaqus CAE 6.14 (Dassault Systemes). Numerical integration is used to
evaluate the integral in equation 1. The steady-state energy release rate, Gss, for the tunneling crack
in the bi-material structure, shown in Figure 2 (A), is determined by:
E¯2Gss
σ2yy,22h2
= F (α12, β12, h1/h2) (6)
where F (α12, β12, h1/h2) is a non-dimensional function, determined numerically, that accounts for the
stiffness mismatch and geometry [2]. The steady-state energy release rate for the tunneling crack in
the tri-material structure, shown in Figure 2 (B), can be written as:
E¯2Gss
σ2yy,22h2
= F (α12, α32, β12, β32, h1/h2, h3/h2) (7)
where again the non-dimensional function, F , is determined numerically. For both the bi- and tri-
material models, the smallest element side length is 0.025h2 and approximately 80 elements (eight-
noded plane strain) are used across the thickness of the adhesive.
4. Results from tunneling crack bi-material FE model
Figure 3 (B) shows finite element results; F (α12, β12 = α12/4, h1/h2) decreases with increasing
substrate stiffness and -thickness. Comparing the FE results for h1/h2 = 2.0 with the results by Ho
and Suo [2] shows that the maximum deviation is below 2%, which indicates that the numerical imple-
mentation is sufficiently accurate. The maximum deviation is identified for very compliant substrates.
For α12 = 0.0 in Figure 3 (A), the deviation between the numerical solution and the asymptotic limit
(Ho and Suo [2]) of pi/4 in equation 3 is less than 0.3% when h1/h2 ≥ 6.0. Furthermore, Figure 3 (A)
shows that for decreasing elastic mismatch, α12, the larger h1/h2 must be for Gss to reach a constant
value. In Figure 3 (B) an approximate asymptotic limit is identified; when α12 → 1.0 and h1/h2 →∞
then F (α12, β12 = α12/4, h1/h2) ≈ 1/2.
Figure 4 shows the effect of increasing substrate thickness on F (α12, β12 = α12/4, h1/h2) for blade
relevant materials. For all types of substrates, where the stiffness of the blade relevant materials are
relatively high in comparison with the adhesive, F (α12, β12 = α12/4, h1/h2) starts high, decays and
approaches a steady level when h1/h2 ≥ 4.0, see Figure 4. The maximum relative deviation between
the models with isotropic- and orthotropic material properties in Figure 4 are 1.9%, 6.0% and 7.2%
for Glass Biax, Glass UD and Carbon UD, respectively.
For orthotropic Glass Biax (for which ρ < 1.0 i.e. the shear modulus, Gxy, is larger for the
orthotropic material than for the corresponding isotropic material) the curve in Figure 4 is slightly
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below the curve of the isotropic material. For Glass UD and Carbon UD where ρ > 1.0, the energy
release rate is higher for the orthotropic case than for the isotropic case.
5. Results from tri-material FE model - generalised joint design
Figure 5 illustrates the influence of buffer-layer thickness and -stiffness on Gss when h1/h2 = 1.0.
For all cases in Figure 5 it is evident that an increase in α32 decreases Gss. It is seen that an increase
of buffer-layer thickness, h3/h2, decreases Gss if α32 & α12. Note, that the limit values indicated by
arrows in Figure 5 are determined using the bi-material FE model at h3/h2 = 10. These limit values
are identical to the results from the bi-material FE model in Figure 3 at h1/h2 = 10 indicating that
for high buffer-layer thickness, the buffer-layer is the primary layer controlling Gss (not the substrate).
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Figure 5: Steady-state energy release rate results from a symmetric tri-material FE model with isotropic materials and
selected parameters fixed: βi2 = αi2/4, h1/h2 = 1.0. Substrate stiffness mismatch of: (A) α12 = −0.5, (B) α12 = 0.0,
(C) α12 = 0.5 and (D) α12 = 0.9.
Further design curves are presented in Figure 6 where α32 is varied for different h3/h2 and α12.
The design curves in Figure 6 for each stiffness mismatch, α12, intersect at a specific point, namely the
”point of intersection” (PoI) that is marked with ”X” in Figure 6. On the right hand side of the ”point
of intersection” (α32 > PoI), it is advantageous to increase the buffer-layer thickness, whereas on the
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left hand side of the ”point of intersection” (α32 < PoI), it is advantageous to decrease the buffer-layer
thickness. It is also evident from Figure 6 that with increasing α12 the ”point of intersection” moves
to the right (to a larger α32 value).
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Figure 6: Steady-state energy release rate results from a symmetric tri-material FE model with isotropic materials and
selected parameters fixed: βi2 = αi2/4, h1/h2 = 1.0. Substrate stiffness mismatch of: (A) α12 = −0.5, (B) α12 = 0.0,
(C) α12 = 0.5 and (D) α12 = 0.9.
The best choice (i.e. the one that gives the lowest energy-release rate) of buffer-layer thickness
and stiffness depends on the stiffness of the basis substrate, α12. Without prior knowledge of the
modeling result it would be expected that the stiffness of the buffer-layer should be a least the stiffness
of the substrate in order to reduce the energy release rate. However, the value of α32 at the ”point of
intersection” is less than the value of α12 in the models in Figure 6. For instance, it is seen in Figure
6 (C) that the PoI is located at α32 ≈ 0.25, whereas α12 = 0.5 for the model in Figure 6 (C). Thus,
the ”point of intersection” must be determined accurately in order to ensure that Gss decreases with
increasing h3/h2. An additional study of the transition at the ”point of intersection” is presented in
Appendix A. In the overall picture, changing the stiffness of the basis substrate (α12) has a small
effect on the steady-state energy release rate of the tunneling crack.
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6. Results for case study with blade relevant materials
The parametric 2D plane strain FE model of an isolated tunneling crack with a buffer-layer, denoted
material #3 in Figure 7, is used to investigate the effect of buffer-layer thickness and -stiffness on Gss
for blade relevant material combinations including the effect of material orthotropy. The stiffness of
the substrate (material #1) is equal to that of Glass UD (α12 = 0.85).
First the results for the case where the stiffness of the buffer-layer (material #3) is similar to that
of Glass Biax (α32 = 0.54) is presented. The curves in Figure 7 for Glass Biax shows that an increase
of the buffer-layer thickness, h3, actually increases Gss although the total thickness of the substrate
(h1 + h3) becomes larger. This can be understood in that with increasing h3, the stiffer material #1
is moved further away from the tunneling crack tip hence reducing the constraint, but also by the
decreased stiffness of the layer closest to the adhesive.
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Figure 7: Steady-state energy release rate results from a symmetric tri-material FE model with blade relevant material
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Figure 7 also includes results for a buffer-layer with stiffness of a Carbon UD laminate (α32 = 0.94).
The thickness, h3, of material #3 is varied and the results show that a design for reducing Gss would
consist of a thick and stiff layer closest to the adhesive e.g. a Carbon UD laminate. Gss is decreased
by approx. 5% for by adding the carbon UD buffer-layer with thickness h3/h2 = 1.0 to the Glass
UD substrate (h1/h2 = 1.0). The largest deviation between Carbon UD isotropic and -orthotropic is
approximately 7%, whereas the largest deviation between buffer-layers of Glass Biax and Carbon UD
(isotropic) in Figure 7 is about 18%. Note, that the limit values indicated by arrows in Figure 7 are
determined using the results of the bi-material FE model at h3/h2 = 10 in Figure 4.
The results in Figure 7 for Carbon UD can also be used to determine the best compromise between
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buffer-layer thickness, -stiffness, and -price since too many Carbon UD layers would be costly in
comparison with the constraining effect achieved. However, adding Carbon UD layers to an already
stiff Glass UD laminate will only decrease Gss by approx. up to 6-10% according to Figure 7. Instead,
since the steady-state energy release rate scales linearly with the thickness of the adhesive layer, see
equation 7, for the present case, it is more effective to decrease the energy release rate by decreasing
the thickness of the adhesive layer.
7. Discussions
The implications and effects of the buffer-layer are discussed. In order to design a reliable adhesive
joint, specific requirements for the properties of the buffer-layer must be set. If the tunneling crack
initially confined in the adhesive, shown in Figure 8 (A), extends through the buffer-layer (Figure 8 (B))
then the energy release rate of the tunneling crack becomes higher since both the thickness- and the
stiffness of the cracked layer increase (if E3 > E2). Thus, cracking through the buffer-layer increases
the steady-state energy release rate of the tunneling crack dramatically. Therefore, the strength and
fracture toughness of the buffer-layer must be sufficiently high to avoid cracking during the tunneling
crack propagation across the bondline. Fortunately, laminates used in wind turbine blades have both
higher stiffness and -strength than the typical structural adhesives used in wind turbine blades. Models
for crack penetration of interlayers are available in the literature [18, 19, 20]; they can be used to set
the requirements for the additional material properties of the buffer-layer. If the buffer-layer is a
composite material with long aligned fibres, then it will be unlikely that a crack penetrates through
the buffer-layer as a sharp crack. Instead, the tunneling crack will more likely cause damage to a larger
zone and initiate splitting and delaminations of the laminates.
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Figure 8: (A) Tunneling crack confined in the adhesive layer. (B) Tunneling crack extended through the buffer-layer.
The load required to propagate a tunneling crack is lower than the load to initiate a tunneling
crack from a small void in the adhesive [2]. Thus, the use of the tunneling models as design criteria for
bondlines containing voids (no real sharp cracks) is regarded as being conservative. Furthermore, if a
tunneling crack initiates at a free edge then the tunneling crack must reach a certain length (dependent
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on elastic mismatch) to become steady-state [7]. The energy release rate increases with crack length
until the steady-state value is attained [2], which is another reason why the steady-state tunneling
crack models are conservative.
For future work, the tri-material model in the present study may be extended to include the effect
of adhesive-laminate debonding for both static and cyclic loadings [5, 6, 4] and extended to include
multiple cracking [2, 21].
8. Conclusions
Generally, it was found favourable to embed a buffer-layer near the adhesive with controllable
thickness- and stiffness properties in order to improve the joint design against the propagation of tun-
neling cracks. The results from the tri-material FE model showed that it was desirable to increase the
thickness of the buffer-layer if the stiffness of the buffer-layer is higher than the ”point of intersection”
in Figure 6. In any case, it was advantageous to increase the stiffness of the buffer-layer in order to
decrease the energy release rate of the tunneling crack.
For blade relevant materials, the effect of material orthotropy on the steady-state energy release
rate was found to be relatively small (2-7%). Similarly, the effect of using a Carbon UD laminate
as buffer-layer was relatively small (6-10%) since the stiffness of the original Glass UD laminate was
already high. Instead, it is proposed to reduce the thickness of the adhesive layer in the wind turbine
blade joint.
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Appendix A. Additional design curves from tri-material FE model
Additional design curves determined by the tri-material FE model are presented in Figure A.9 and
Figure A.10. From these curves the transition at the ”point of intersection” is investigated further i.e.
for the energy release rate increasing with buffer-layer thickness to the energy release rate decreasing
with buffer-layer thickness. This transition is difficult to identify from Figure A.9. Therefore, the
design curves in Figure A.9 for −0.5 < α32 < 0.0 are magnified and presented individually in Figure
A.10. In Figure A.10, it is seen that the shape of the curve is very dependent on the magnitude of α32.
A peak is identified in Figure A.10 (B-G). The peak is reduced with increasing α32 (closer to zero). In
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Figure A.10 (H-I) the peak vanish and for increasing h1/h2, a continuous decreasing trend is attained.
It is of interest that a peak in Figure A.10 (A-G) exists since it is typically desired to minimise or
maximise the energy release rate dependent on the application.
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Figure A.9: Steady-state energy release rate results from a tri-material FE model with selected parameters fixed:
βi2 = αi2/4, h1/h2 = 1.0, and substrate stiffness mismatch of: α12 = 0.0.
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Abstract
A novel approach is presented and used in a generic tunneling crack tool for
the prediction of crack growth rates for tunneling cracks propagating across
a bond-line in a wind turbine blade under high cyclic loadings.
In order to test and demonstrate the applicability of the tool, model
predictions are compared with measured crack growth rates from a full scale
blade fatigue test. The crack growth rates, measured for a several metre long
section along the blade trailing-edge joint during the fatigue test, are found
to be in-between the upper- and lower-bound predictions.
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Nomenclature
a crack length
C Paris law coefficient
da/dN crack growth rate
E1, E2 Young’s modulus (substrate, adhesive)
E¯1, E¯2 plane strain Young’s modulus (substrate, adhesive)
(EI) bending stiffness of DCB specimen arms
f non-dimensional function
F function that relates ∆K with da/dN
Gss mode-I steady-state energy release rate
h1, h2 thickness for sandwich (substrate, adhesive)
h∗1, h
∗
2 thickness for bi-layer (substrate, adhesive)
h¯2 average thickness of adhesive in blade section
J J-integral
K stress intensity factor
Lb blade length
Lc crack spacing
L¯c average crack spacing
Lr roller distance for DCB
2
m Paris law exponent
M bending moment
Mxx edgewise bending moment
N cycles
P load
q non-dimensional function
r radius
R load R-ratio
t width of cracked area for DCB
x, y, z coordinates
α first Dundurs’ parameter
β second Dundurs’ parameter
δext extensometer opening
δcod crack opening displacement profile
T , yy strain (misfit, adhesive/substrate)
ζ, ζ∗ thickness ratio (sandwich, bi-layer)
κ curvature of bi-layer
ν1, ν2 Poisson’s ratio (substrate, adhesive)
σm mechanical stress
σr residual stress
3
σT misfit stress
σyy,2 stress in adhesive
Σ,Σ∗ stiffness ratio (sandwich, bi-layer)
CAD computer-aided design
DCB double cantilever beam
FE finite element
LEFM linear elastic fracture mechanics
VARTM vacuum-assisted-resin-transfer-moulding
1. Introduction
Full-scale structural blade testing is the main method used for testing
the life-time performance of wind turbine blades and is commonly used for
blade certification [1]. The main purposes of full-scale static blade testing
are to test that new blade designs meet requirements and to gain insight
into the failure mechanisms [2, 3, 4, 5, 6, 7]. Publications of full-scale blade
testing under cyclic loadings are limited due to confidentiality and the few
testing laboratories that are actually able to perform the test [5]: DTU Wind
Energy, LM Wind Power, Siemens Wind Power, Blaest (all in Denmark),
CRES in Greece, WMC in Netherlands, NREL, LBR&TF, WTTC (all in
USA), NaREC in UK, Fraunhofer in Germany and SGS in China.
A wind turbine life-time is typically designed for 20 years or more [8, 9,
10, 11]. Thus, a wind turbine blade in operation is affected by cyclic loadings
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i.a. caused by gravity loads, see edge-wise bending moment, Mxx in Figure
1. The adhesive joints are one of the critical structural details in large wind
turbine blades. In particular, the trailing-edge is critical since it is located
far from the elastic center of the blade and therefore experiences significantly
higher strains, yy when subject to edge-wise bending.
z x
y
Blade
Blade tip
Blade root
Leading- 
edge joint
x yz
Trailing- 
edge joint
Core
Glass fiber
Adhesive
Area
 of In
teres
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joints εyy
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a2
ana3
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y/L  =0.24b
y/L  =0.38b
x y
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Laminate
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E1
E1
E22h 2
h 1
h 1
Tunneling 
crack (a )i
Mxx
Figure 1: Blade with edge-wise bending moments, Mxx distributed over blade length, Lb.
Blade section includes web-, leading-edge-, and trailing-edge joints.
During excessive high cycle loading, tunneling cracks may initiate in the
trailing-edge adhesive joint as shown in Figure 2, where a tunneling crack
in the adhesive is encircled by red marker on the edge of the joint. The
tunneling cracks propagate in the z-direction as shown by a1, a2, ..., an in
Figure 1. Each tunneling crack with length, ai, has a unique configuration of
laminate stiffness, E1, adhesive stiffness, E2, laminate thickness, h1, adhesive
thickness, 2h2 and strain level, yy dependent on specific location of the crack
tip in the y-z plane. Note, the average adhesive thickness along the length
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of the blade section is denoted 2h¯2.
Ataya et al. [12] documented the presence of transverse cracks, of lengths
20 mm to 50 mm, in trailing-edge joints on wind turbine blades operating
in the field with working life ranging between 6.5x107 and 1.1x108 cycles. It
was not documented how these transverse (tunneling) cracks initiated and
developed. The traditional understanding of transverse cracking is that the
cracks start from an edge-flaw and propagate across the adhesive layer. The
adhesive is constrained by stiff laminates, primarily with uni-directional fi-
bers, oriented in blade length, i.e. the y-direction in Figure 1. Thus, the
tunneling crack in the brittle adhesive layer is constrained in-between la-
minates with higher stiffness and strength. Tunneling cracks propagating
across a bond-line, loaded quasi-static or cyclic, are comparable with propa-
gating off-axis matrix tunneling cracks in composite structures e.g. cross ply
laminates [13, 14, 15, 16, 17, 18, 19, 20, 21].
Laminate
Adhesive
Laminate
Tunneling
crack} Red markeryx
Figure 2: Tunneling crack identified in the trailing-edge joint of a full scale test blade.
Tunneling cracks have been modelled extensively through the last three
decades using linear elastic fracture mechanics (LEFM) [22, 23, 24, 25, 19,
26, 27]. From a modelling perspective, this cracking mechanism is closely
related to channeling cracks in thin films [28, 29, 30, 31, 32]. One of the first
models of a single tunneling crack embedded in-between thick substrates were
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developed using 2D finite element (FE) modelling and LEFM [22, 23, 24]. 3D
FE models were used for transient modelling of channeling/tunneling cracks
since the crack length must reach a certain length for the crack to become
steady-state [33, 34, 35, 26]. It is well known [36, 37] that the stress field of
bi-material problems with stresses as boundary conditions (not displacement
boundary conditions) depends on only two (not three E1/E2, ν1, ν2) non-
dimensional elastic parameters (Dundurs’ parameters):
α =
E¯1 − E¯2
E¯1 + E¯2
and β =
E¯1
(1−2ν2)
2(1−ν2) − E¯2
(1−2ν1)
2(1−ν1)
E¯1 + E¯2
(1)
where for plane strain E¯ = E/(1−ν2). ν1 and ν2 are the Poisson’s ratio of the
substrate and adhesive, respectively. In order to apply Dundurs’ parameters,
it is also a prerequisite that the materials are isotropic, linear-elastic and
deformations are planar i.e. either plane strain or plane stress [38, 36]. These
prerequisites are satisfied for the sandwich in Figure 2 if the adhesive and
laminates are assumed isotropic, linear-elastic and the tunneling crack has
reached a certain length from the edge (in z-direction) i.e. steady-state.
Nucleation and propagation of tunneling cracks in the adhesive layer is
the first mode of damage of the joint and would not represent catastrophic
failure of the blade, or even any significant loss in performance. However, if
the tunneling cracks were to initiate delaminations in the laminates or large
debonds at the adhesive-laminate interface, this would be far more critical.
Tracking and prediction of tunneling cracks propagation are important in
order to detect the early stage of damage and to quantify the level of damage
before it transforms into a more critical state such as delamination. A safe
and conservative joint design is thus designed against the propagation of a
7
tunneling crack across the bond-line. Therefore, it is relevant to develop
rigorous tools for the prediction of tunneling crack propagation in a full scale
wind turbine blade joint, especially under cyclic loading.
2. Approach and problem definition
In this paper a novel approach is presented for the prediction of crack
growth rates of tunneling cracks in a wind turbine blade joint. The approach
includes a generic tunneling crack tool that is exemplified and tested on a
trailing-edge joint in a full scale wind turbine blade fatigue test.
The approach enables prediction of crack growth rates for tunneling cracks
in adhesive bond-lines, e.g. for wind turbine blade joints, based on informa-
tion of the tunneling crack state (geometry, start-crack-length, loads and
constitutive properties). Crack growth rates (Paris law) for the adhesive are
measured by a double cantilever beam (DCB) specimen in laboratory, where
the adhesive is loaded cyclic in mode-I [39, 40]. This is elaborated in Section
3.
In adhesive bonded joints residual stresses might develop in the adhesive
during the manufacturing process i.a. attributed chemical shrinkage of the
adhesive and mismatch in coefficient of thermal expansion between adhesive
and laminate. Generally, residual stresses originate from misfits between
different material regions or phases [41, 42, 43]. The misfit stress, σT , (defined
in Section 4) is determined using measured curvature of a bi-layer specimen
in the laboratory. The misfit stress is converted to a residual stress, σr, in the
adhesive, using an analytical sandwich model, to account for local thicknesses
and stiffnesses in the blade according to specific crack locations (y, z). It is
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advantageous to express the residual stress through a misfit stress since the
description of the misfit stress only depends on the adhesive properties and is
independent of the application (e.g. thicknesses), whereas the residual stress
is application dependent. Thus, the use of the misfit stress is convenient since
the misfit stress can be scaled through a non-dimensional function, q, to give
the residual stress for the application of interest [44]. This is presented in
details in Section 4.
E1
E1z
xCrack front
a
h1
h1
i
(y,z)
(y,z)(y,z)
(y,z)
Laminate
Laminate
Adhesive
Crack direction
E2 2h2 (y,z)
z a i(N )= i
(N )i
Figure 3: Tunneling crack in trailing-edge joint. The dashed square at position z = ai(Ni)
shows the crack configuration that is analysed using a plane strain condition and LEFM
modelling.
The tunneling crack tool takes the local -stiffness and -geometry input
from blade models/measurements, shown in Figure 3, including mechanical
stress, σm, and residual stress, σr, in the adhesive. In the real structural
blade application, these many parameters dependence on crack tip location
(y,z) for each tunneling crack complicates the modelling significantly. Com-
bining these inputs, using LEFM and a plane strain assumption, enables
determination of the mode-I steady-state energy release rate, Gss for a single
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isolated tunneling crack [24]:
Gss(y, z) =
[σm(y) + σr(y, z)]
22h2(y, z)
E¯2
f [α(y, z), β(y, z), h1(y, z)/h2(y, z)]
(2)
where subscripts 1 and 2 refer to substrate and adhesive, respectively. f is
a non-dimensional function that will be determined in the present paper by
2D finite element simulations. Since the loading is cyclic, Gminss and G
max
ss are
converted to a cyclic stress intensity factor range, ∆K using an analytical
model as elaborated in Section 5. Combining the tunneling crack modelling
results with the measured residual stresses and the measured Paris law for
the adhesive, gives the prediction of the crack growth rate for each tunneling
crack along the blade section. The steps of the approach, presented in Figure
4, are summarized:
(i) DCB: Double cantilever beam specimen fatigue tested in laboratory
to measure Paris law (da/dN , ∆K) for a mode-I crack in the adhesive.
(ii) Bi-layer: Residual stress (σr) determination in the adhesive of the joint
using misfit stress (σT ) that is determined by measuring the curvature
of bi-layer specimens.
(iii) Blade: Characterization of geometry (h1, 2h2), crack length for each
crack (ai), cycles for each crack (Ni), constitutive properties (E1, E2, ν1, ν2),
and mechanical stresses (σminm , σ
max
m ) from blade inspection/model, CAD
model, aero/FE model or similar.
(iv) Modelling: Tunneling cracks modelled using finite elements to de-
termine ∆Ki as a function of blade geometry/properties, mechanical
stress, and residual stress (h1, 2h2, E1, E2, ν1, ν2,∆σm, σr) for each tun-
neling crack configuration (ai, Ni) dependent on location (y, z).
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(v) Blade prediction: Prediction of dai/dNi for each tunneling crack in
the blade using ∆Ki from tunneling crack model and Paris law (da/dN)
for the adhesive that is measured by a DCB test in laboratory. Note,
F is a function that relates ∆K with da/dN .
AdhesiveLaminate
(ii) Bi-layer
E1
E1
E2 2h2
h1
h1
x
y
rΔσ    σ+m
Blade(iii)
Modelling(iv)
σTdadN =F(ΔK)
#1 #2
#1
#2
#1
da
dN
Blade prediction(v)
i
i
ΔKi
=F(ΔK )i
E1 E2,v v21 ,
σmaxσminm m,
h1 2h2,
ai Ni,
v1
v12v
ai Ni,
DCB(i)M
MΔ
Δ
Adhesive
Laminate
Laminate
#1
#1
#2
Figure 4: Approach for prediction of crack growth rate for each tunneling crack in a wind
turbine blade joint. Step (i) and (ii) are material characterisation whereas step (iii), (iv)
and (v) are repeated for each crack with length, ai.
The properties of the adhesive are characterized in step (i) and (ii), whe-
reas step (iii), (iv) and (v) are repeated for crack number i = 1 to i = n
according to each cracks specific location (y, z) in the blade. In order to test
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Blade prediction
da
dN =F(y)
Blade measurements
(v) Full scale blade test
z x y
Tunneling 
cracks
a
a ,N measured
on blade trailing-
edge joint 1 a2 a3
ani
i
i
iComparison
da
dNii=F(ΔK )i
Figure 5: Experimental demonstration for tunneling cracks in a trailing-edge joint. The
prediction of crack growth rate for each tunneling crack is tested and compared with the
actual measurement on a generic research blade.
the accuracy of the proposed approach, the predicted crack growth rates are
compared with crack growth rates measured on a generic research blade as
shown in Figure 5. The equations and procedures used for the approach are
implemented in a Python program using primarily the Numpy (numerical)
and Pandas (data analysis) packages [45, 46]. Thus, it is easy to change the
loads, the number of cracks etc. if predictions on other joints in the blade
are desired.
3. Theoretical framework: DCB tests to measure Paris law for the
adhesive
The DCB specimen is tested by applying a cyclic bending moment to
determine the mode-I Paris law for the adhesive using the test setup presented
in Figure 6. The J-integral for the moment-loaded DCB specimen is [47, 48]:
J =
M2
(EI)t
(3)
12
where M = PLr and t is the width of the cracked area. P is the measured
load and Lr is the outer distance between rollers according to Figure 6. The
bending stiffness, EI is determined by a layered model of the laminate and
adhesive using classical laminate theory [49]. The mode-I stress intensity
factor for an isotropic material can be related to the mode-I energy release
rate using the well-known Irwin relation [50]:
K =
√
GE¯2 (4)
∆K can be related to fatigue crack growth through the empirical Paris-
Erdogan law [39, 40]:
da/dN = C(∆K)m (5)
The parameters in the power law, C and m are material constants that are
determined using a curve fit to actual test data. The use of the Paris law
requires that the linear-elastic fracture mechanics assumptions are satisfied
meaning that the material must be linear elastic, isotropic, and the fracture
process zone must be small in comparison with the other specimen dimensi-
ons. Note, Paris law is an empirical relation rather than theoretically based
[51].
The DCB specimen with side-grooves, shown in Figure 6, is designed ba-
sed on initial experiments, which shows that the crack grows to the adhesive-
laminate interface if no side-grooves are present. The test setup, presented
in Figure 6, has some advantages: 1) energy release rate being independent
of crack-length so that crack growth is stable under displacement (rotatio-
nal) control, 2) easy analytical evaluation of the J-integral. Furthermore, a
full range of mode mixities can be tested from pure mode-I to nearly pure
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Adhesive #2
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a
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Pin spacing rLr
Figure 6: DCB specimen loaded cyclic with even bending moments in mode-I.
mode-II. For the present work and purpose the setup is kept in mode-I since
the tunneling cracks in the adhesive, which is assumed isotropic, propagates
under mode-I conditions.
For experiments conducted under displacement control, the magnitude
of the moment, M decreases as the crack length increases. Thus, a test
in displacement control gives information of crack growth rate for the full
range of load levels using only a single test specimen. Therefore, in the
present study the DCB specimen is loaded cyclic using a constant range of
extensometer opening, ∆δext since it is desired to measure the full Paris law.
4. Theoretical framework: Measuring residual stresses using bi-
layer specimen
The residual normal stress, σr, e.g. in a symmetric sandwich far from
edges as shown in Figure 7, can be related to the misfit stress, σT through a
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non-dimensional function, q [44]:
σr = qσT (6)
where σT is defined as the stress induced in an infinitely thin film adhered
to an infinitely thick substrate in a bi-layer material. q is a non-dimensional
function accounting for e.g. geometry and elastic properties. The misfit stress
cannot be predicted by modelling - it must be measured experimentally [44]
unless the mechanism of inelastic strain is known and modelled.
x
y
z
h2
#1
#1
2 h1
1h
σr #2
Figure 7: Sandwich specimen used for residual stress modelling.
The misfit stress can be measured using the bi-layer specimen shown in
Figure 8 [44, 52, 53]. The curvature, κ is determined by fitting a circle to a
number of points measured on top of the surface of the curved beam. The
radius of the fitted circle, determined using a least square fit to the measured
points along the curved surface, expresses the curvature through the radius,
r as; κ = 1/r. The misfit stress, σT can then be determined by [44]:
σT =
(
∑
∗ ζ
2
∗ − 1)2 + 4
∑
∗ ζ∗(1 + ζ∗)
2
6ζ∗(1 + ζ∗)
[
E2h
∗
2κ
(1− ν2)
]
(7)
where
∑
∗ =
E1/(1−ν1)
E2/(1−ν2) and ζ∗ = h
∗
1/h
∗
2 according to Figure 8 for the bi-layer
specimen.
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Figure 8: Curvature specimen including positions for measuring beam height.
Knowing σT , the stress in the adhesive of the sandwich specimen, shown
in Figure 7, can be derived by equilibrium considerations (perfect bonding
between the substrates and the adhesive layer), and by Hooke’s law in plane
stress (in the x-direction):
σr =
−σT∑
+ 1
ζ
(8)
where
∑
= E1/(1−ν1)
E2/(1−ν2) and ζ = h1/h2 according to Figure 7 for the sandwich
specimen. The energy release rate of the tunneling crack in the sandwich
specimen can be expressed as:
Gss = (σm + σr)
2 2h2
E¯2
f (α, β, h1/h2) =
(
σm +
−σT∑
+ 1
ζ
)2
2h2
E¯2
f (α, β, h1/h2)
(9)
where f (α, β, h1/h2) is determined in the next section.
5. Theoretical framework: Modelling of tunneling cracks
The steady-state energy release rate of an isolated tunneling crack can
be expressed using a non-dimensional function, f to account for stiffness and
thickness of the materials [24]:
GssE¯2
σ2yy,22h2
= f(α, β, h1/h2) (10)
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where the effective stress in the adhesive remote from the crack is designated
σyy,2. For simplicity, it is assumed that Poisson’s ratio for substrates and
adhesive are similar, ν1 = ν2 = 1/3, leading to β = α/4. The steady-state
energy release rate, which is constant along the entire tunneling crack front,
is determined by [22, 24]:
Gss =
1
2
σyy,2
2h2
∫ +h2
−h2
δcod(x)dx (11)
where δcod(x) is the crack opening displacement profile for the plane strain
crack, which is determined by FE modelling. Trapezoidal integration is ap-
plied to evaluate the integral numerically.
The results from the tunneling crack bi-material FE model, simulated in
Abaqus CAE 6.14 (Dassault Systemes) with eight-noded plane strain ele-
ments, are compared with the results of Ho and Suo [24] for a thickness ratio
of h1/h2 = 2.0 as shown in Figure 9.
The difference between the FE model results and those of Ho and Suo [24]
are less than 2%. As the stiffness and thickness of the substrates increase,
f(α, β, h1/h2) becomes smaller. This is in agreement with the conventio-
nal models [23, 24, 27]. Different thickness ratio, h1/h2 are modelled hence
f(α, β, h1/h2) for tunneling cracks at different locations can be determined.
Figure 9 is the main theoretical result and the relevant stiffness ratio for ty-
pical wind turbine blade joints is large as highlighted with the dashed square
(0.7 ≤ α ≤ 0.9).
The anisotropy of the glass fiber laminates is assumed negligible since
it is assumed that the high in-plane laminate stiffness of the uni-directional
fibers in the y-direction is the main constraint to prevent the tunneling crack
propagation [27]. ∆K for an isotropic material can be related to ∆Gss in
17
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Figure 9: Results from tunneling crack bi-layer FE model and comparison with the model
by Ho and Suo [24] for h1/h2 = 2.0 and β = α/4.
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mode-I using the Irwin relation [19, 50, 51]:
∆K =
√
Gmaxss E¯2 −
√
Gminss E¯2 = ∆σyy,2
√
2h2f(α, β, h1/h2) (12)
that is applicable for tension-tension loading where the load R-ratio (R =
σmin/σmax) is 0 ≤ R < 1. However, for tension-compression loading where
R < 0, equation 12 reduces to:
∆K =
√
Gmaxss E¯2 = σ
max
yy,2
√
2h2f(α, β, h1/h2) (13)
For compression-compression loading with R > 1, the stress intensity factor
range becomes zero i.e. ∆K = 0. With the coefficient C and exponent m
determined earlier from the DCB test, the crack growth rate (da/dN) of each
crack can be determined from equation 5. The stress range can be expressed
as a function of load R-ratio, and residual stress (σr) can be added to the
mechanical stresses (σminm , σ
max
m ) as shown in Figure 10.
Time
σ
σm
m
σ
Time
+σ
σ
r
σ
K
Kmin
max
K K
ΔK
ΔK
σ
+σr
Kmax
Kmin
Δσ
Δσ
m
m
max
min
max
min
(A) (B)
Figure 10: Definition of σminm , σ
max
m , ∆σ, K
min, Kmax and ∆K including a schematic
illustration of how ∆K depends on the R-ratio. (A) with R = −1, and (B) with 0 ≤ R < 1.
For negative R-ratio (R < 0) a part of the stress cycle is negative hence
causing crack closure. In that case, only the positive part of the stress cycle is
used in the computation of ∆K as illustrated in Figure 10. For the example
in Figure 10, for the same applied stress range, ∆K is doubled if R-ratio
increases from R = −1 to 0 ≤ R < 1. Thus, Figure 10 illustrates the effect
of increasing residual stresses on R-ratio and ∆K.
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6. Experimental demonstration: Test of full scale research blade
A generic full scale research blade, with length of more than 40 m, was
manufactured and tested for approx. 5 million cycles in edge-wise direction
with high loads. This corresponds to a full-life fatigue test. Hereafter, the
blade was further tested with higher edge-wise cyclic loadings for approx. 1
million cycles, i.e. tested with loads beyond design limits to initiate tunneling
cracks. The trailing-edge were loaded in tension-compression fatigue by a
load R-ratio of R = −1 during the tests. It is unknown when the tunneling
cracks initiated, but it was observed and documented that the tunneling
cracks propagated through the second test with loadings higher than typical
design loads. The experiment was paused 5 times, where the trailing-edge
was inspected for cracks and the crack lengths were measured.
The outer trailing-edge thicknesses are measured at four locations (A, B,
C, D) in z-direction for each meter along the blade length (y), see Figure 11.
The outer thickness measurements are used in combination with the laminate
layup from a blade model to determine the actual adhesive thickness for each
measurement.
A B C D
Tool measuring thickness
yz
z
x
2h2
h1
h1#1
#1
#2
Figure 11: Thickness measurement of the trailing-edge joint at four points for each section.
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The stiffness and thickness of the laminates near each crack tip depends
on the position in both y- and z- directions as a result of the ply drops in
both transverse- and longitudinal blade directions, see Figure 3, Figure 12
and Figure 13. The points in Figure 12 near y/Lb = 0.28 and y/Lb = 0.32
are not outliers. They are a result of large crack lengths hence the crack tip
reach a location where the laminates are thicker, see also Figure 3 and Figure
18.
The average substrate-to-adhesive stiffness ratio, α at each crack position,
presented in Figure 13, is determined using linear interpolation (y, z). The
number of uni-directional plies is dominant hence the average stiffness is
simply a small reduction of the uni-directional ply stiffness due to some
biaxial layers surrounding the uni-directional plies. The exact laminate and
adhesive properties in the generic research blade are confidential.
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Figure 12: Laminate-adhesive thickness ratio determined at each tunneling crack position
along blade length.
The strain range, ∆yy (= 
max
yy − minyy ) is measured using strain gauges
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located at every second meter along the blade length (y). Variations of
strains across the width of the trailing-edge joint (z) are insignificant since
the trailing-edge bond-line width is small compared with the distance from
the elastic center of the blade to the trailing-edge location. The measured
strains are post-processed through a ”Rain-flow count algorithm” and sorted
into bins dependent on the strain range magnitude [54]. The individual strain
ranges are counted for each bin. The mechanical stress range, ∆σm in the
adhesive is determined using Hooke’s law and a plane strain assumption in
the y-direction of the blade:
∆σm = E¯2∆yy (14)
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Figure 13: Laminate-adhesive stiffness mismatch determined at each tunneling crack po-
sition along blade length.
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7. Experimental demonstration: DCB tests to determine Paris law
for the adhesive
Two laminates of glass fiber reinforced polyester are cast using vacuum-
assisted-resin-transfer-moulding (VARTM). The laminates are post cured
and placed in a fixture where a vinylester adhesive is injected to bond the
two laminates. Subsequently, the adhesive and laminate are post cured and
cut into specimens. The side-grooves are CNC machined to meet the design
in Figure 6. The adhesive and laminates are manufactured under laboratory
conditions, but the exact properties are confidential.
An extensometer is attached to pins mounted on each beam as shown in
Figure 6 to measure the extensometer opening. A servo-hydraulic cylinder
applies the load, P to the wires that are attached to two arms on the sides
of the DCB specimen hence a pure bending moment is applied cyclic [55].
The end of each cable is attached to a load cell that measures the load, P
on each wire individually. Load frequency is set to 3 Hz and mode mixity
to 0 degree using same arm length, Lr as shown in Figure 6. The R-ratio is
varied between R ≈ 0.3 and R ≈ 0.5, which is also the R-ratio in the section
of the blade joint when including residual stresses in the adhesive. Images
are captured at adequate intervals following a log-scale. The crack length, a
is measured on the images with help from a program implemented in Python
[45, 46].
The DCB test is controlled by the extensometer opening, δext. A fixed
value of δminext and δ
max
ext is applied in the duration of the DCB test to maintain
a constant ∆δext. Thus, as the crack grows (increasing a), the measured
moment range, ∆M decreases and a series of ∆K values can be computed
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by equation 3, equation 4 and the first part of equation 12.
Before starting the cyclic test, a static pre-test is performed to create a
sharp start-crack; a clamp is mounted on the specimen to constrain the crack
from propagating too long and a static moment is applied monotonic until a
sharp pre-crack is formed. The clamp is removed and the specimen is now
prepared for the cyclic loaded tests. The subsequent cyclic loaded tests on
the same specimen continues without further static tests.
The measured Paris laws for the adhesive are presented in Figure 14. The
Paris law parameters are determined by a least square fit to the measured
data points in the log-log space (∆K, da/dN) on the form given by equation
5. The best fit in Figure 14 is used to determine parameters C and m. The
upper- and lower fit gives the upper- and lower bounds for da/dN as shown
in Figure 14 by the dashed and dotted lines, respectively.
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Figure 14: Cyclic loaded DCB test for adhesive including Paris law best fit. The axes are
normalised by the average thickness of the adhesive measured on the blade section, 2h¯2.
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Some R-ratio effect is observed for the present adhesive [56], but this
effect is small for the narrow band of R-ratio tested. It is decided to describe
the fatigue crack growth rates by ∆K [51]. Different other approaches to
describe fatigue crack growth are presented by Pascoe et al. [40], but it is
out of the scope to investigate this further.
In terms of constitutive properties and fracture toughness the adhesive is
comparable to epoxy resins in the published literature [56, 57, 58, 59], but
the exact properties of the adhesive used in the present work is confidential.
From the DCB test it is found that the crack growth rates of the adhesive
is comparable to those of epoxy resins [56, 60, 61, 62, 63, 57, 58, 59, 64],
especially those tested in [56, 57, 58, 59].
8. Experimental demonstration: Residual stress determination
Solidification of the vinylester adhesive during curing is an exo-thermal
process. The adhesive heats up, shrinks and builds up tensile residual stresses
caused by the constraining effect from the laminates since the adhesive cannot
freely contract. The procedure to measure the residual stress using the bi-
layer specimen is summarized:
• Manufacture sandwich specimen of two laminates bonded by adhesive.
• Peel-off one of the laminates, and measure curvature and geometry of
the bi-layer specimen.
• Calculate residual stress through misfit stress from equation 7 and equa-
tion 8.
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The adhesive and laminates are manufactured under laboratory conditi-
ons. Two laminates of uni-directional glass fiber reinforced polyester are cast
using VARTM. The laminates are post cured and placed in a fixture where
a foam spacer is placed along the edges to control the adhesive thickness to
be 8 mm. One of the laminates are covered by a thin foil to create a weak
adhesive/laminate interface. The adhesive is injected through a 10 mm hole
in the middle of the plate and cured.
After post curing of the adhesive, the plate is cut into 13 specimens of
length 500 mm and one of the laminates is peeled off using the thin foil since
a weak plane enables separation. Removing one of the laminates cause the
beam to bend due to tensile residual stresses in the adhesive. As indicated in
Figure 8, the displacement of the top surface of the 13 beams is measured at
11 equal-spaced points using a dial gauge (type, Mitutoyo with ID-U1025).
The laminate thickness, h∗1 and adhesive thickness, h
∗
2 of the bi-layer specimen
are measured using a caliper in an optical microscope. Using equation 7, the
average misfit stress, σT of the 13 curvature specimens is determined and
presented non-dimensionally as misfit strain: T = −0.00218± 0.00013 [44].
The misfit stress is used to determine the residual stress, σr at the various
positions along the blade using equation 8.
The residual stress in the adhesive, for each combination of measured
α(y, z) and h1(y, z)/h2(y) at each tunneling crack location in the blade
section, is presented in Figure 15. Here, the residual stress is normalised
by the maximum mechanical stress, σmaxm that is introduced by equation 14
and Figure 10. The trend is that closest to the blade root (small y) the re-
sidual stresses are highest, which is attributed h1/h2 increasing towards the
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Figure 15: Normalised residual stress in the adhesive of the generic research blade at each
tunneling crack position along the blade length.
blade root according to Figure 12. Note, σr is large in comparison with σ
max
m ,
especially closest to the blade root where the laminates are thick.
9. Experimental demonstration: Modelling of tunneling cracks
Curves for energy release rate, determined by the tunneling crack tool,
are presented in Figure 16 including the corresponding ”Experimental points”
that are calculated based on data from the generic research blade test (α, β =
α/4, h1/h2). The ”Experimental points” are determined for each tunneling
crack configuration (z = ai(Ni)) according to Figure 3. Thus, α and h1/h2
are determined for each crack tip location and based on linear interpolation
between the curves in Figure 16, the energy release rate can then be read off
for each point.
Ply drops in both the y- and z-direction of the blade joint complicates the
tunneling crack analysis. However, it is impractical to define a single finite
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Figure 16: Results from tunneling crack bi-layer FE model with β = α/4 (part of Figure
9). ”Experimental points” are calculated for each tunneling crack configuration.
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element model, e.g. with 5-12 different layers, for each crack observed and
change the laminate stacking sequence for each crack analysed. Instead, the
tunneling crack tool is made generic thus it can handle a series of isolated
tunneling cracks and be applied to other blade joints as well. Therefore,
the thickness ratio, h1/h2 and the average laminate stiffness are interpolated
linearly in y- and z-directions based on the actual crack tip location in the
joint.
∆K is determined based on equation 12 and presented in Figure 17 with-
and without including the magnitude of residual stress, σr. ∆K varies only
moderately along y, being highest for y/Lb ≈ 0.30. The inclusion of residual
stresses doubles ∆K since the R-ratio changes from R = −1 to R ≈ 0.4, see
Figure 10 and Figure 17.
10. Experimental demonstration: Inspection of cracks in full scale
blade test
The crack length, measured by a caliper on the trailing-edge joint, for
each tunneling crack is presented in Figure 18 and Figure 19 for the number
of cycles where the test of the generic research blade is paused for inspection.
The a-N measurements in Figure 19 are fitted with a straight line for each
crack and the slopes (da/dN) are presented in Figure 20.
11. Experimental demonstration: Prediction of fatigue crack gro-
wth rates on the blade joint
Tunneling crack growth rates are predicted using the approach in Figure
4 and presented in Figure 20 together with the measured crack growth rates
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Figure 18: Normalised crack length, a/2h¯2 measured along blade length, y.
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Figure 19: Normalised crack length, a/2h¯2 for cycles, N measured on blade.
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on the trailing-edge joint from the test of the generic research blade. The
predicted crack growth rates varies relative to crack location (y, z) due to the
variations in; α, h1/h2,∆σm and σr. However, this variation is small meaning
that the state of each individual tunneling crack is similar. Also, the crack
growth rates, measured individually for each tunneling crack, in the blade
are similar, which can be explained by the small variations in load levels and
geometry along the blade section (AoI).
The crack growth rates predicted on the blade joint falls above and below
the crack growth rates measured on the blade. The crack growth rates pre-
dicted without including residual stress are closest to the crack growth rates
measured on the blade.
12. Discussion
The crack-to-crack variation for the da/dN predictions in Figure 20 is
small since the variation of the mechanical stress and the energy release rate
for each crack in Figure 16 is small:
(
E¯2Gss
)
/
(
σ2yy,22h2
) ≈ 0.53±0.02. This
suggests that a future approximate approach is to use;
(
E¯2Gss
)
/
(
σ2yy,22h2
) ≈
0.5 for all tunneling cracks in the blade, which will simplify the modelling
significantly. The effect of misfit stress, σT is significant since the inclusion
of residual stress doubles ∆K as shown in Figure 17.
The DCB- and bi-layer test specimens are manufactured under process
conditions in the laboratory that are different from the manufacturing of
the generic research blade. This difference in manufacturing process is an
uncertainty in the cyclic crack growth prediction on the blade joint.
Another explanation for the deviation between blade prediction and ac-
31
10-7
10-6
10-5
10-4
10-3
Blade m easurem ents
Upper limit
0.24 0.26 0.28 0.30 0.32 0.34 0.36 0.38y/L  [-]b
da
/(d
N 
2h
 ) 2
[1/
cyc
le]
Cr
ac
k g
row
th 
rat
e,
Predict ion on blade without  residual st ress
Lower limit
Predict ion on blade with residual st ress
Lower limit
Upper limit
(σ  ,σ =0)m r
(σ +σ )m r
Position along blade,
Figure 20: Comparison of predicted crack growth rates (triangles) with the crack growth
rates measured (circles) on the full scale blade joint. Dashed lines indicate the upper limits
and dotted lines the lower limits for the uncertainty of the predictions based on Figure
14 since the main uncertainty comes from the measured Paris law for the adhesive. Note,
da/dN are normalised by the average thickness of the adhesive measured on the blade
section, 2h¯2.
32
tual blade measurements could be time dependency of the adhesive (stress
relaxation, creep, visco-elasticity), which is unknown. The time scale for the
laboratory tests of the bi-layer specimens is in the order of a few weeks whe-
reas the generic full scale research blade is tested over several months. The
time scale may influence the level of residual stress, which again affects the
R-ratio, ∆K and finally the da/dN prediction. The effect of stress relaxation
in the adhesive in the duration of the full scale blade test is unknown. The
crack growth rates determined for the tunneling cracks including residual
stress must therefore be seen as an upper bound. On the other hand, the
crack growth rates predicted without residual stress should be seen as a lower
bound if all residual stresses are relaxed during the fatigue test.
Multiple cracking of the adhesive is an other stress relaxing process es-
pecially if the crack spacing is small. The tunneling cracks can with good
accuracy be modelled without including interaction between the cracks since
the crack spacing and the stiffness of the substrates are large (0.72 ≤ α ≤
0.84) [23, 24]. Crack interaction is only relevant for very compliant sub-
strates [24]. The 27 cracks distributed over the length of the blade section
(0.24 ≤ y/Lb ≤ 0.38) gives a normalised inverse average crack spacing of
2h¯2/L¯c = 0.038, where L¯c is the average crack spacing. This number (0.038)
and stiffness mismatch (0.72 ≤ α ≤ 0.84), according to Fig. 5 in Ho and Suo
[24], means that crack interaction is insignificant for the present case.
12.1. Tunneling crack model assumption
It is appropriate to investigate whether the approach of averaging the
stiffness has a significant effect on the tunneling crack energy release rate
since the layers closest to the adhesive is a few number of biaxial layers that
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are more compliant than the uni-directional layers. The layer closest to the
adhesive, called buffer-layer, is the most important layer since it is well known
that the stiffness and thickness of this layer gives the primary constraining
effect of the tunneling crack [31].
The effect of buffer layer is tested using a tri-layer tunneling crack FE
model. A biaxial layer is added to the existing uni-directional laminate, which
decreases the overall average stiffness ratio to αave = 0.80 from αUD = 0.85
since the added biax-to-adhesive stiffness ratio is αbiax = 0.54.
Modelling the problem using the average stiffness instead of the actual
stiffnesses of the individual layers gave an energy release rate that was approx.
4 % higher, which is acceptable for the present application. It is concluded
that the energy release rate is relatively insensitive to specific layup confi-
gurations for the present case since the uni-directional layers are relatively
stiff. This is also illustrated by the small variations for the experimental data
in Figure 16. Thus, from a practical point of modelling the use of average
stiffness is reasonably.
12.2. Tunneling cracks in full scale blade section
In a full scale blade test many factors play a role on the state of the tunne-
ling crack mechanism. One important factor is the assumption that loading
is pure tensile in the trailing-edge, see yy in Figure 1. Thus, the cracks in
the adhesive are assumed to propagate under pure mode-I conditions, which
is reasonably to assume in a homogeneous material. The mode-I dominance
is supported by the image in Figure 2 of the tunneling crack that is perpendi-
cular to the laminate. However, it is not measured whether the trailing-edge
joint is loaded in shear as well e.g. caused by large rotations/displacements
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(”pumping effect”) of the trailing-edge balsa panel [65]. Measuring mixed
mode effects on the tunneling cracks may require additional strain gauges
mounted during the blade test. Models for shear loaded tunneling cracks
(oblique cracks) are available in the literature [24, 66].
The measured crack lengths vary significantly along the length of the
blade. The two cracks with the largest crack growth rates are found in
the highest loaded region. The different crack lengths measured may be a
result of the different times/cycles to crack initiation along the blade length
(y). The initiation is governed by pre-exising defects, but the exact time
(load cycle number) of crack initiation is unknown. For the shortest cracks
measured, see Figure 19, the effect of crack length on energy release rate
could be accounted for using 3D FE simulations [34, 26]. However, for large
elastic mismatch this transient effect is small [35].
12.3. Proposed extensions of the present work
The effect of residual stress on R-ratio and Paris law parameters is not
well documented in the literature for polymeric materials. Further work for
the adhesive loaded cyclic by different residual stress magnitudes and R-ratio
including different models for fitting the crack growth rates is proposed as a
future study [53, 40].
The tunneling crack tool can be extended to account for delamination
during the tunneling process [67, 25, 19] or expanded to handle gel coat
channeling cracks in wind turbine blade surfaces during cyclic loading [68].
It may also be applied to tunneling cracks in grid-scored balsa/foam panels
used in wind turbine blades, where the crack tunnels through the resin filled
grid-scores [65]. The generic tool is demonstrated on a trailing-edge adhesive
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joint, but could be applied to the leading-edge- or web joints as well.
13. Conclusion
The parameters for the mode-I Paris law for the adhesive, measured by
the cyclic moment-loaded DCB specimen, was found to be comparable to
those published for epoxy resin systems. The energy release rate of a tunne-
ling crack is relatively unaffected by substrate thickness when the substrate
stiffness is large. Furthermore, the energy release rate of a tunneling crack
is relatively insensitive to specific layup near the adhesive since the stiffness
of the primary uni-directional laminate is high.
The crack growth rates predicted for tunneling cracks in a wind turbine
blade trailing-edge joint were found to agree well with the crack growth rates
measured on a full scale test blade. This suggests that the tunneling crack
tool can predict crack growth rates for tunneling cracks in a wind turbine
blade trailing-edge joint within acceptable accuracy.
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Abstract
A four-point single-edge-notch-beam (SENB) test specimen loaded in displacement control (fixed grip)
is proposed for studying crack deflection at bi-material interfaces. In order to ensure stable crack
growth, a novel analytical model of the four-point SENB specimen in fixed grip is derived and compared
with numerical models. Model results show that the specimen should be short and thick, and the
start-crack length should be deep for the crack to propagate stable towards the bi-material interface.
Observations from experimental tests of four-point SENB specimens with different start-crack lengths,
confirmed that the crack grows stable if the start-crack length is deep and unstable if not.
Keywords: Stable crack growth, Bonded joints, Brittle fracture, Adhesive, Finite element analysis
Nomenclature
a actual crack length
a0 start-crack length
A area of cracked surface
b adhesive layer thickness/beam thickness
B horizontal distance between load- and support point
c substrate thickness
C compliance of beam
D length of debond crack at interface
E1, E2 Young’s modulus (substrate, adhesive)
E¯ plane strain Young’s modulus
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f non-dimensional function for interface stress
F Tada F-function
Fδ F-function for bi-material (fixed grip)
GI mode-I energy release rate
GIC critical energy release rate
GR resistance curve (rising critical energy release rate)
h horizontal distance between crack and load point
I area moment of inertia per unit width
KI mode-I stress intensity factor
KIC mode-I critical stress intensity factor
L loading parameter
M bending moment per unit width
P force per width
rp radius of plastic zone size
S Tada S-function
t time
T shear force
U strain energy
U1 strain energy of part 1 of the beam
U2 strain energy of part 2 of the beam
UP strain energy caused by force
UM strain energy caused by bending moment
UT strain energy caused by shear force
Ucrack strain energy caused by crack
Uno,crack strain energy in beam without crack
Ut total strain energy
V work done by external loads
Vt total work done by external loads
2
w width of beam
x, y, z coordinates
α first Dundurs’ parameter
β second Dundurs’ parameter
γ shear strain
δ displacement
 normal strain
θ rotation angle
θcrack rotation angle caused by introduction of crack
θno,crack rotation angle for beam without crack
θt total rotation angle
κ curvature of beam
λ first orthotropy parameter
µ shear modulus
ν Poisson’s ratio
ν¯ modified Poisson’s ratio
ρ second orthotropy parameter
σ normal stress
σxx maximum normal stress
σyy,i normal stress across interface
σˆi cohesive strength of interface
σY S yield stress
σˆi cohesive strength of the interface
τ shear stress
Φ strain energy density
Ω distance to neutral axis from the bottom of the beam
FE finite element
LEFM linear-elastic fracture mechanics
3
SENB single-edge-notch-beam
1. Introduction
Crack deflection at bi-material interfaces is one of the important cracking phenomena for adhesive
joints in large composite structures e.g. wind turbine blades. The bond-line contains defects from
which cracks can initiate and turn into transverse cracks in the adhesive. Cracks in the trailing-edge
joint, including transverse cracks, are observed in full scale blades in operation as demonstrated by
Ataya et al. [1]. After a small crack has formed in the adhesive from a pre-existing defect, the typical
cracking sequence is as shown in Figure 1.
(A)
(C)
(B)
interface
(E)
(D)
#1
#2
#1
xy
adhesivelaminate/substrate
xxσ
main crack debond crack
crack penetration
crack deflection
Figure 1: Possible cracking sequences for an adhesive joint loaded in tension. The main crack in the adhesive grows
ideally orthogonal towards the adhesive-substrate interface (A). The crack might reach the interface (B) or initiate a
new crack at the adhesive-substrate interface (C). If the crack reach the interface it can stop (B), or penetrate into the
substrate (D) or deflect along the adhesive-substrate interface (E).
Historically, the cracking mechanisms in Figure 1 have been addressed using various approaches.
Models typically describe the problem where the main crack has reached the interface (Figure 1 (B))
and the subsequent crack deflection/penetration process (Figure 1 (D) or Figure 1 (E)). Modelling
the deflection of a crack meeting an interface were, at first, based on either stress criteria [2, 3] or
energy criteria [4, 5, 6, 7, 8]. The stress criteria and energy based approach can be unified using a
cohesive law, which is a traction-separation law that encompasses a peak stress (strength) and work or
separation (energy), typically combined with cohesive zone modelling in finite element (FE) simulations
[9, 10, 11, 12, 13, 14]. The parameters for the cohesive law can e.g. be measured by the J-integral
approach [15, 16]. However, accurate experimental determination of peak stress, σˆi, (cohesive strength)
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for bi-material interfaces is challenging, especially for brittle material interfaces with small separations
[17], and therefore novel methodologies are desired.
The problem of interface crack initiation in Figure 1 (C) was addressed using modelling based on
stress by Cook and Gordon [2]. However, rigorous experimental tests of crack deflection at interfaces,
where the crack deflection process is clearly documented are limited [18] since it is difficult to design an
experiment where the crack propagates stable towards a bi-material interface. A few have attempted
but with limited success [19, 20].
Zhang and Lewandowski [20] tested bi-material four-point single-edge-notch-beam (SENB) speci-
mens with different interfaces. Unfortunately, crack propagation was unstable such that the crack
deflection could only be assessed by visual inspection of the cracked specimens after testing i.e. ex-
situ. For the cracking mechanism in Figure 1 (C), the bi-material four-point SENB specimen can also
be used to measure the cohesive strength of the interface, σˆi, using a recently developed approach
[21]. For this purpose and for the study of crack deflection at interfaces, it is advantageous that the
crack grows stable in mode-I towards the interface so that the crack deflection process can be observed
in-situ e.g. captured on images by a relatively low camera frame rate during loading. Therefore, in the
present paper the bi-material four-point SENB specimen is modeled to design an experimental test
with stable crack growth.
The parameters defining the four-point SENB test specimen geometry and boundary conditions are
presented in Figure 2. The start-crack length is denoted a0 whereas a is the actual crack length. h is
the distance between the crack and the load point, and B is the distance between the load- and support
points. The depth in z-direction is denoted w. P is the total applied force and δ is the load-point
displacement. θ is the resulting rotation for an applied bending moment, M . The primary parameters
can be written in non-dimensional form as: a/b, h/b, and B/b. The dimensionless substrate thickness
for the bi-material specimen in Figure 2 (C) is denoted c/b.
In absence of elastic mismatch, the bi-material four-point SENB specimen (Figure 2 (B)) reduces
to the homogenous four-point SENB specimen (Figure 2 (A)). The homogenous four-point SENB
specimen shown in Figure 2 (A) is a commonly used test specimen during the last five decades e.g. for
measuring fracture toughness, but also for other purposes with varying geometry, material and setup
[22, 23, 24, 25, 26, 27, 28, 29, 30, 12, 31, 32]. Four-point SENB specimen geometries, found in the
literature [15, 27, 33, 20, 30, 12], vary significant from test to test:
• 0.12 < a0/b < 0.80, 0.60 < B/b < 6.90, 0.50 < h/b < 5.10, 0.22 < w/b < 9.66
Justification for the choice of a0/b, B/b, h/b, and w/b are absent in the papers. Crack growth stability
were tested experimentally by Tandon et al. [33] for three different material systems using homogenous
four-point SENB specimens. One of the conclusions was that a smaller h improved the stability of the
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Figure 2: (A) Homogeneous four-point SENB specimen. (B) Bi-material four-point SENB specimen. (C) Homogenous
pure bending specimen.
four-point SENB test since the amount of elastic energy in the beam was reduced [33]. The effect of
B was not investigated.
Generally, stable crack growth is desirable e.g. when measuring R-curves [34], for tests where a
crack initiates from a notch [20, 35] or for tests with sub-critical crack growth [36, 37]. Furthermore,
when measuring fracture toughness, stable crack growth enables measuring several values instead of a
single one. Often a crack develops from a notch and ”pops-in” meaning that initiation of crack growth
starts at a higher energy release rate because the starter crack does not have a sufficiently sharp tip
leading to an abrupt advance of the crack front and thus an incorrect determination of the critical
energy release rate [38]. Furthermore, for the study of crack deflection at bi-material interfaces [20],
it should be avoided that the unstable crack growth associated with pop-in extends completely to the
interface, which is another reason why stable crack growth is desirable.
A number of models of the four-point SENB specimen loaded with a pure bending moment exist [39,
24, 29]. However, experimental tests are often conducted by applied displacements i.e. displacement
control (fixed grip) [20]. Therefore, this paper presents new models (analytical and numerical) of the
four-point SENB specimen with applied displacements. More specifically, for displacement control,
analytical expressions will be derived for the homogenous specimen (Figure 2 (A)), whereas numerical
models will be applied for the bi-material specimen (Figure 2 (B)).
It is the aim to design the specimen geometry including start-crack length dependent on the loading
configuration such that the crack grows stable and can be observed in-situ during loading. To enable
observation of the crack deflection mechanism it is necessary that the crack can grow stable towards
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the bi-material interface. Therefore, novel models are needed in order to explore a relevant parameter
space. To summarise, the goals of the present paper is to:
(i) design the homogenous four-point SENB specimen geometry such that crack propagation is stable.
(ii) design the bi-material four-point SENB specimen geometry such that crack propagation towards
the bi-material interface is stable.
(iii) determine the normal stress component across the interface of the bi-material four-point SENB
specimen.
The latter is needed for the novel approach to determine the cohesive strength of the interface [21].
These points are addressed in the next sections using a model framework, but first the problems and
assumptions are specified.
2. Problem definition
The stiffness mismatch for the bi-material specimen in Figure 2 (B) is presented in terms of E1/E2
since Dundurs’ parameters (α, β) can only be used when boundary conditions are prescribed as tracti-
ons (not displacement boundary conditions) [40]. For simplicity, the materials are assumed isotropic
and Poisson’s ratio are set constant (ν1 = ν2 = 1/3) i.e. in terms of Dundurs’ parameters in plane
strain, β = α/4 [40, 41]. For small-scale yielding the energy- and stress intensity approach are related
by the Irwin relation [42]:
GI =
K2I
E¯
(1)
where E¯ = E is for plane stress and E¯ = E/(1− ν2) is for plane strain.
To enable observations of crack propagation (and the crack deflection mechanism) during loading,
the main crack must propagate in a stable manner i.e. in small increments. Dependent on the specimen
geometry, material properties and loading configuration, the crack will propagate stable or dynamic
once the magnitude of the critical energy release rate, GIC , is reached [43]. For a material exhibiting
R-curve behavior, i.e. a material with rising fracture resistance, the condition for continued crack
extension is G = GR(∆a), where G is the applied energy release rate. GR versus ∆a is the resistance
curve of a material when the crack has extended an amount ∆a to the current crack length, a, under
quasi-static loading. To ensure stable crack propagation (not dynamic), the following generalised
condition must be satisfied [43, 29]: [
∂G
∂a
]
L
<
[
dGR
d∆a
]
(2)
where L is the loading parameter that is kept constant while the crack advances a small increment [43].
A mode-I crack in a perfectly brittle material will propagate under constant GI hence the condition
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for stable crack growth reduces to [43]: [
∂GI
∂a
]
L
< 0 (3)
In words, the mode-I energy release rate, GI , must decrease with crack length. This general condition
for stable crack growth in a perfectly brittle material can be specified for fixed displacement loading
(fixed grip) as: [
∂GI
∂a
]
δ
< 0 (4)
or for a fixed loading condition (dead load) as:[
∂GI
∂a
]
P
< 0 (5)
Note, for fixed displacement the energy release rate depends on load point displacement and crack
length i.e. GI(δ, a) and similarly for fixed loading i.e. GI(P, a).
The specimens in Figure 2 are analysed for load control, displacement control, and test configuration
since the first derivative of energy release rate, ∂GI/∂a, depends on load conditions, geometry, and
stiffness properties/mismatch. It is therefore non-trivial to determine the best possible test setup and
rigorous models are needed.
The simple pure bending specimen in Figure 2 (A) is analysed in rotation control in Appendix B.
The homogenous four-point SENB specimen in Figure 2 (B) are analysed using analytical expressions
that are derived and used to determine a specimen design with stable crack growth for displacement
control (fixed grip). The assumptions used in the derivations are listed here:
(1) Shear force- and moment distribution are assumed to take the form depicted in Figure C.19 in
Appendix C.
(2) Static equilibrium (no dynamic effects).
(3) LEFM assumptions are satisfied:
(a) Linear-elastic and isotropic material properties.
(b) Brittle material or only small-scale yielding near the crack tip.
(4) Assumptions from Bernoulli-Euler beam theory are fulfilled:
(a) Cross-sections which are plane and normal to the longitudinal axis remain plane and normal
to it after deformation.
(b) Small displacements and small rotations.
The latter requires that linear-elasticity and superposition applies. Numerical models are used to test
the accuracy/limitations of the analytical models and to design the experiment with the bi-material
SENB specimen in Figure 2 (C).
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3. Analytical model of the homogenous four-point SENB specimen
The standard solution for the stress intensity factor of the crack in the pure bending specimen
(Figure 2 (C)) is given for a homogeneous material by Tada et al. [29] as:
KI = σxx
√
piaF (a/b), σxx =
6M
b2
(6)
where σxx is the maximum normal stress (bending) in the beam in the x-direction at location y = −b/2.
The moment, M , is per width, w. F (a/b) is a non-dimensional function determined by an empirical fit
to semi-analytical data obtained by the boundary collocation procedure [23]. A fit to semi-analytical
data for F (a/b) is given as [24, 29]:
F (a/b) =
√
2b
pia
tan
(pia
2b
)0.923 + 0.199 (1− sin(pia2b ))4
cos
(
pia
2b
) (7)
which has an accuracy of better than 0.5% for any a/b. The energy release rate, GI , of a mode-I crack
can be determined using equation 6 and the Irwin relation in equation 1 [42]:
GI =
K2I
E¯
=
1
E¯
σ2xxpia[F (a/b)]
2 =
1
E¯
36M2
b4
pia[F (a/b)]2 (8)
For load control, GI in equation 8 can be written on a non-dimensional form as:
GIE¯b
3
M2
= 36pi
a
b
[F (a/b)]2 (9)
In Appendix C an equation for the strain energy of the homogenous four-point SENB specimen is
derived as a function of applied displacements (not moments). It is emphasised in equation 10 that
the strain energy contributions originate from normal stresses, shear stresses and the presence of the
crack according to the principle described by Rice et al. [44]:
Ut =
P 2
E¯
(
B
b
)2 Bb + 3hb︸ ︷︷ ︸
normal
+
3
5
E¯
2µ
b
B︸ ︷︷ ︸
shear
+ 3S(a/b)︸ ︷︷ ︸
crack
 (10)
where S(a/b) is presented in equation B.9 in Appendix B based on Tada et al. [29]. A relation between
moment, M , and displacement, δ, is derived by combining Ut = Pδ/2, from equation C.1 and equation
C.2 in Appendix C, with the moment, M = PB/2, as:
M =
UtB
δ
(11)
Inserting Ut from equation 10 in equation 11 and then inserting M from equation 11 in equation 8
gives an expression for GI as a function of applied displacement, δ, as:
GI = piaE¯
[
3
2
δ
B
F (a/b)[
B
b + 3
h
b +
3
5
b
B ν¯ + 3S(a/b)
]]2 (12)
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or on a non-dimensional form as:
GIb
E¯δ2
= pi
ab
B2
[
3
2
F (a/b)[
B
b + 3
h
b +
3
5
b
B ν¯ + 3S(a/b)
]]2 (13)
where E¯ = E/(1− ν2) and ν¯ = 1/(1− ν) is for plane strain, and E = E¯ and ν¯ = (1 + ν) is for plane
stress. Note, in displacement control the energy release rate is coupled to the applied displacement
through the elastic constants and the geometrical parameters.
4. Introducing the finite element model
A numerical model is developed in order to test the analytical derivation for the homogeneous
SENB specimen and to analyse the bi-material SENB specimen, see the specimens in Figure 2 (A-B).
The FE model, simulated in Abaqus CAE 6.14 (Dassault Systemes) with eight-noded plane strain
elements, is parametrized with the non-dimensional groups, a/b, h/b and B/b. A symmetry condition
is imposed at x = 0 to reduce the computational time. A focused mesh is applied in the region of 0.5b
in the x-direction of the beam and 100 elements are used over the distance b.
5. Finite element modelling of homogenous SENB specimen
5.1. Benchmark of analytical derivation with finite element simulations
In the beginning of this section, for different geometries of the FE model and analytical model,
two cases are compared; displacement control/load control. The non-dimensional energy release rate
results from the parametric linear-elastic FE model of the homogenous four-point SENB specimen is
presented in Figure 3 (A-B) for both load- and displacement control. The energy release rate results
in Figure 3 (B) for load control are compared with the results of Tada et al. [29].
For displacement control, the curves in Figure 3 (A) start from zero at a/b = 0, increase to a
peak and finally decrease to zero again at a/b = 1. Thus, when a/b → 1 then GI → 0 since the
crack approaches a free surface (at y = b/2) and the load is applied with fixed displacements. A
significant difference is observed in Figure 3 (A) between the results of the analytical- (red curve) and
the numerical model (red symbols) for the short and thick specimen loaded in displacement control.
When h/b and B/b are relatively large, the results of the analytical model (blue curve) are close to the
results from the numerical model (blue dots) as shown in Figure 3 (A). The analytical model becomes
inaccurate for small values of h/b and B/b since assumption (1) used in the derivation is not fulfilled.
For load control, the curves in Figure 3 (B) start from zero at a/b = 0 and increases as the crack
length becomes longer. Thus, for load control (dead load), GI → ∞ when the crack approaches the
free surface, a/b→ 1. For load control in Figure 3 (B), the analytical model deviate from the numerical
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Figure 3: Energy release rate result based on FE model and analytical model. Blue: h/b = 3.0, B/b = 3.0. Red:
h/b = 0.9, B/b = 1.35. Symbols: FE model, Solid lines: Analytical model. (A) Displacement control. (B) Load control
(comparison with Tada et al. [29]). The x-y coordinate system is located in the beam centre.
model when a/b becomes high since for small variations of a, the sensitivity of GI becomes significant,
see also Srawley and Brown [22]. The maximum deviations between the numerical and analytical
models in Figure 3 (B) are 4.2% and 2.8% for the models with parameters (h/b = 0.9, B/b = 1.35)
and (h/b = 3.0, B/b = 3.0), respectively. So again, the inaccuracies increases as the beam becomes
more compact.
As mentioned in the problem definition, we aim to design the test specimen such that the criterion
for stable crack growth in equation 4 is fulfilled. Thus, the energy release rate should decrease with
crack length. From Figure 3 (A) it is seen that equation 4 is fulfilled when a exceeds a critical value,
denoted (a/b)peak. The crack grows stable if the start-crack length is a0/b ≥ (a/b)peak hence the
energy release rate decreases with crack length. It is desired that (a/b)peak is as small as possible
hence the crack can grow far before reaching the free surface and to enlarge the design space with
stable crack growth. Figure 3 (B) shows that the crack grows unstable for load control for any a/b
since the stability condition in equation 5 cannot be fulfilled under a fixed loading condition.
A parameter space with a/b, h/b and B/b is explored in Figure 4-7 in order to determine the
geometrical parameters effect on GI and (a/b)peak. Based on the dotted lines in Figure 6-7, (a/b)peak
is presented in Figure 8. It is evident that the beam should be short (small h and B) and thick (large
b) to maximise the design space with stable crack growth i.e. to reduce the value of (a/b)peak. Figure
8 shows that (a/b)peak is significantly reduced for B/b = 2.0 in comparison with B/b = 6.0. Thus, it is
demonstrated that crack growth stability for the four-point SENB specimen depends on the start-crack
length, load span, support span, and whether the specimen is tested in load- or displacement control.
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6. Finite Element Modelling of Bi-material SENB Specimen
A function similar to F (a/b) from Tada et al. [29] can be established for the bi-material four-point
SENB specimen to account for the presence of a substrate of thickness, c. Thus, for the bi-material
specimen, with assumed isotropic adhesive and -substrate, in load control:
GI =
1
E¯2
σ2xxpiaF (a/(b+ c), c/b, E1/E2)
2, σxx =
ME2Ω
E1I1 + E2I2
(14)
where subscript 1 and 2 represent the substrate and adhesive, respectively. As shown in Figure 9, Ω is
the distance from the bottom of the beam and to the global neutral axis of the beam (in the specimen
without crack) [45]. I1 and I2 are the local area moment of inertia for the substrate and adhesive,
respectively:
I1 =
c3
12
+ c
( c
2
+ b− Ω
)2
, I2 =
b3
12
+ b
(
Ω− b
2
)2
, Ω = c
1 + 2E1E2
c
b +
E1
E2
(
c
b
)2
2 cb
(
1 + E1E2
c
b
) (15)
The function, F , in equation 14 is determined as shown in Figure 9 by FE simulations, which is
compared for E1/E2 = 1, with the solution by Tada et al. [29]. It can be seen that independently of
elastic mismatch when; a/(b + c) → 0 then F (a/(b + c)) → 1.12. This limit is similar to the solution
for a side-crack in an infinitely large homogenous plate under uni-directional tension [29, 46]. The
trend in Figure 9 is comparable to the partial cracked film problem from Beuth [47]. For compliant
substrates (E1/E2 . 3), F increases monotonic, whereas for stiffer substrates (E1/E2 & 9), F reaches
a peak and subsequently starts decreasing (close to a/(b+ c) = 0.8).
Dimension analysis reveals that the energy release rate of the crack for the bi-material specimen
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presented in Figure 2 (B) can, when loaded in displacement control, be written as:
GI(b+ c)
E¯2δ2
=
9pi
4
a(b+ c)
B2
Fδ(a/(b+ c), h/b,B/b, c/b, E1/E2)
2 (16)
where the non-dimensional function, Fδ, is determined numerically. Fδ is introduced since it is out of
the scope in the paper to derive an expression analytically for the bi-material specimen like in equation
13 for the homogenous specimen.
6.1. Parameter study using the bi-material FE model
To determine a start-crack length, a0/b, that gives stable crack growth, the requirement in equation
4 needs to be applied on the results of the bi-material FE model in Figure 10-11. From Figure 10-11
it is clear that an increase of the substrate stiffness (E1/E2), increases the energy release rate. The
effect of elastic mismatch on the magnitude of (a/b)peak is more complex as shown in Figure 12.
The curves in Figure 12 for c/b = 0.2 are determined from (a/b)peak of the dotted symbols in Figure
10-11 and similarly for c/b = 0.1 and c/b = 0.3. Additional points for E1/E2 = 1.5, 3, 6 are included in
Figure 12 to emphasise the trend of the curves, where the data points are connected by lines. Figure
12 shows that (a/b)peak is sensitive to E1/E2 and h/b. The graphs in Figure 12 for h/b = 0.9 are
marked with red colors and the graphs for h/b = 1.8 are marked with blue colors. It is seen that
(a/b)peak is reduced for the group of h/b = 0.9 (red curves) compared with the group of h/b = 1.8
(blue curves). This study shows the complexity of the problem since several parameters (h/b, B/b,
c/b, E1/E2) affects the resulting value of (a/b)peak.
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7. Determination of mode-I cohesive strength of interfaces
For the cracking mechanism in Figure 1 (C), at the time where the debond crack at the interface
initiates (onset of interface separation), the cohesive strength of the interface, σˆi, is equal to the stress
across the interface, σyy,i, i.e. σˆi = σyy,i. Using the bi-material FE model of the four-point SENB
specimen, σyy,i can be determined by:
σyy,ib
2
M
= f(a/b, c/b, E1/E2) (17)
where the non-dimensional function, f , is determined by the FE modelling result in Figure 13-14.
The calculation procedure to determine the cohesive strength of the interface, σˆi, should be read
in details in a related paper [21], but it is listed in short here for convenience:
• During the fracture experiment, capture the time of interface crack initiation (onset of interface
separation) e.g. by digital image correlation, visually or by other methods.
• From images recorded during the experiment, determine M and a/b at the time of interface crack
initiation (onset of interface separation).
• Use measured M and a/b with the FE results in Figure 13-14 and equation 17 to determine the
stress across the interface, σyy,i at the onset of interface separation.
Moment, M and crack length, a/b are the only parameters varying during the test. σyy,i scales linearly
with M , but non-linearly with a/b as shown in Figure 13-14. Thus, using the measured values of M
17
and a/b together with the FE simulation results in Figure 13-14, the resulting cohesive strength of a
material interface can be determined by equation 17.
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8. Experimental test of model predictions
In order to test the model predictions for stable growth of the crack, homogenous four-point SENB
specimens cast of adhesive were manufactured and tested experimentally in the laboratory.
8.1. Experimental procedure
The four-point SENB specimens were cast by injection of an adhesive in-between two glass plates
to create a homogenous plate of adhesive. Prior to the injection, the surfaces of the glass plates were
waxed to ease the removal of the cast adhesive plate. The adhesive plate was post-cured and cut into
beams with similar outer dimensions (w/b ≈ 0.7). The adhesive type and processing conditions are
proprietary. Start-cracks were cut using an ultra thin razor blade of thickness 76 microns (Ultra-thin
single edge, stainless steel blade from Ted Pella, Inc.). The test setup were adjusted with h/b = 0.9
and B/b = 1.35. The specimens were placed in a four-point bend fixture and loaded by a MTS 858
Mini Bionix II servo-hydraulic test machine at a constant displacement-rate of 0.015 mm/min, where
the load is measured by a 1.5 kN load cell. For selected tests, the crack length is measured on images
taken during the test by help from a Python script [48, 49].
8.2. Experimental results
The measured bending moment as a function of load point displacement for a selection of test
specimens is presented in Figure 15 (A). The curves (bending moment vs load point displacement)
show similar trend as those curves reported in the literature [15, 33]. All curves, except of the first
∼ 0.05 mm, starts with a linear part until the onset of crack propagation where the moment drops.
Onset of crack propagation is identified near the measured maximum moment (the peak) according to
images taken during the test. The smooth decrease in M is associated with stable crack propagation.
All curves decrease smoothly until zero moment is measured at displacement, δ ≈ 0.9-1.0 mm, except
of the test with a start-crack length of a0/b = 0.34 (Test 1 in Figure 15 (A)). For this test, the
moment initially increases faster with applied displacement since the start-crack length is short. The
moment drops instantaneously to zero at displacement, δ ≈ 0.29 mm, due to unstable crack growth.
In accordance with the model in Figure 15 (B), the sudden drop in moment for this test exemplifies
the response of the crack growth when the start-crack length is made too short i.e. unstable crack
growth.
The observed unstable crack growth for Test 1 with a0/b = 0.34, shown in Figure 15 (A), agrees
fairly well with the prediction by the analytical model presented in Figure 15 (B). The analytical
model in Figure 15 (B) at a0/b = 0.34 illustrates that the crack stability criterion in equation 4 is
not fulfilled. Thus, at the onset of crack propagation the crack grows unstable. As opposed to the
model, in the experiment crack propagation does not become stable again at higher a/b since the
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Figure 15: Adhesive four-point SENB specimens (homogenous with h/b = 0.9 and B/b = 1.35). (A) Experimental test
in displacement control. (B) Analytical model of the experiment.
unstable crack growth activates dynamic effects. For the other test specimens with a0/b ≥ 0.47, the
crack propagates stable as shown by the smoothly decreasing curves in Figure 15 (A) since the crack
stability criterion in equation 4 is satisfied. Thus, it is demonstrated experimentally that a proper
selection of the start-crack length, e.g. by modelling, is useful for determining a start-crack length
that gives stable crack propagation.
The measured bending moment and crack length of another four-point SENB specimen are presen-
ted in Figure 16 to investigate the crack propagation in further details. Overall, the bending moment
decreases smoothly hence the crack propagates stable and the crack length can be measured on images
during the test. However, a small instability is seen in Figure 16 at the onset of crack propagation (at
displacement δ ≈ 0.35 mm). This unexpected behaviour is attributed the manual cutting of the notch
that is not as sharp as a real crack. Thus, the initiation of a crack from the notch gives abrupt crack
growth in the beginning i.e. ”pop-in” effect [50]. Except of this initiation phenomenon, the remaining
growth of the crack is stable as shown by the measured crack length in Figure 16.
9. Discussions
9.1. Discussion of modelling results
When the length of the beam is short, the boundary effects are significant meaning that the moment
and shear force distributions are not as idealised as shown in Figure C.19 in Appendix Appendix C. In
the analytical model, it is assumed that the normal stress is perfectly linear across the beam thickness
and the shear stress distribution is perfectly parabolic, but near the boundaries the shear stress field is
not as assumed in the analytical model. While these localised boundary effects are not included in the
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Figure 16: Experimental test of homogenous four-point SENB specimen with stable crack growth and parameters:
a0/b = 0.47, h/b = 0.9, B/b = 1.35.
analytic model, they are included in the numerical model. This is one of the reasons for the deviations
between the analytical- and numerical model in Figure 3. This effect is especially significant when the
beam is short and thick.
9.2. Small scale yielding assumption
The assumptions from LEFM must be satisfied for the derived analytical model to be accurate
for the experimental test specimens. To satisfy brittle fracture conditions (small-scale yielding), the
plastic zone size near the crack tip must be small in comparison with the characteristic length scale
in the problem i.e. the start-crack length. The first order estimation of the radius of the plastic zone,
rp, is determined for plane strain by [43]:
rp =
1
3pi
(
KIC
σY S
)2
(18)
The critical stress intensity factor, KIC , was measured by the experimental four-point SENB test in
Figure 16, and the yield stress, σY S , was measured by a dog bone specimen using the standard ”ISO
527-2: 2012”. Based on equation 18, it is determined that rp/a0 ≈ 0.02 for plane strain. According to
the results presented by Charalambides et al. [51], a 10% deviation of the stress field from the singular
form (K-dominant zone) for a SENB specimen are found to be rp/a0 ≈ 0.04. Thus, a plastic zone size
of rp/a0 ≈ 0.02 is judged to be acceptable since it will be embedded in the K-dominant zone.
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9.3. Homogenous four-point SENB experiments - uncertainties
The test-to-test variations observed for the initial linear slope in the results of the four-point SENB
experiments are primarily attributed the differences in start-crack length. Material variations may
affect the measured maximum load. Furthermore, air voids in the adhesive can give variations in the
measured curves in Figure 15 (A). The maximum diameter of the voids in the adhesive is measured
to about 0.04b. Voids of this size may accelerate the crack growth in certain regions of the specimens
e.g. indicated by the fluctuations and bumps on the smooth curves in Figure 15 (A). Adjustment and
alignment of the load rig may affect the shape of the whole curve in Figure 15 (A).
9.4. Stability of crack growth
Typically in the literature, the four-point SENB specimen is used for characterising materials that
have a constant fracture toughness (i.e. no R-curve), which not necessarily requires stable crack pro-
pagation. However, for many applications, as mentioned in the introduction, stable crack propagation
is essential to avoid dynamic effects and enable monitoring crack growth. Furthermore, a test with
stable crack growth means that a sharp crack is formed from the start-notch, which in practice cannot
be made as sharp as a real crack. According to the test standards ISO-15024:2001(E) and ASTM
D5528-01, the start notch should not exceed width of 13 µm when measuring fracture toughness of
uni-directional composites. If the start notch is machined it should not exceed a width of 10 µm
according to the study of fine grained alumina by Nishida et al. [38].
When a sharp crack propagates stable, a more accurate fracture toughness value can be measured
since several measurements can be made using just a single test specimen. In any case, stable crack
growth is attractive, as it can help uncovering unexpected behavior such as rate dependent- or R-curve
behavior. Also, possible errors introduced by having a machined notch as a starter crack, in contrast
to a truly sharp crack, is eliminated.
9.5. Discussion of results in relation to existing literature
From the results in Figure 8, the test specimen design by Brinckmann et al. [12] can be improved
such that crack propagation are stable and can be monitored. For this particular specimen design
(B/b = 6.9), it is recommended to use a smaller B/b in order to reduce the elastic strain energy of the
beam and thereby enhance the probability of stable crack propagation. However, if the substrate is a
laminate, the four-point SENB specimen might fail in shear (mode-II shear crack or delamination) in
between the support- and load points if B is too small and a weak interface exists in the substrate of
the bi-material specimen [26].
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9.6. Bi-material model with orthotropic substrate:
As mentioned in the introduction, the methods are also aimed to be applicable for designing
experiments with stable crack growth for adhesive-composite joints. Therefore, it is tested, for the bi-
material four-point SENB specimen, how accurate it is to model a uni-directional glass-fiber laminate
as an isotropic substrate. The in-plane orthotropy can be described by the dimensionless parameters
[52]:
λ =
Eyy
Exx
, ρ =
(ExxEyy)
1/2
2Gxy
− (νxyνyx)1/2 (19)
where λ = 0.3 and ρ = 2.5 are representative for a uni-directional glass-fiber laminate where material
directions are following the coordinate system shown in Figure 9. For the FE model with isotropic
substrate, Exx and νxy are the only input of stiffness parameters i.e. λ = ρ = 1 [52]. Results from
a bi-material FE model with a substrate of an isotropic material (λ = ρ = 1) were compared with a
bi-material FE model with a substrate of an orthotropic material (λ = 0.3 and ρ = 2.5) for geometrical
parameters of h/b = 0.9, B/b = 1.35 and c/b = 0.2. The energy release rates of the cracks and (a/b)peak
are comparable (within 5%) for the isotropic and orthotropic cases. This suggests that the primary
stiffness in the x-direction, Exx, is the main stiffness parameter that governs the energy release rate
of the crack in the model with orthotropic substrate.
10. Conclusions
An analytical model of the displacement loaded four-point SENB test specimen was derived and
found to agree well with FE simulations under certain geometrical conditions. The models (analytical
and numerical) were efficient to design the experiment with stable crack growth since stability depends
on load configuration, crack length and geometry. These models suggest that the beam should be short
and thick, and the start-crack length should be relatively deep for the main crack to propagate stable.
The model predictions for stable crack growth were tested experimentally by homogenous four-
point SENB specimens cast of pure adhesive. The experiments showed that crack growth is stable if
the start-crack length was made sufficiently long and unstable if not. The stable crack propagation
was documented by a series of images captured in-situ during loading. Thus, for the material systems
used in the present work, the displacement loaded four-point SENB specimen was found appropriate
for studying crack deflection at interfaces since stable crack growth could be achieved.
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Appendix A. Strain energy of cantilever beam
The strain energy density for a three dimensional linear-elastic solid in terms of engineering stresses
and strains is [53]:
Φ =
1
2
(σxxxx + σyyyy + σzzzz + τxyγxy + τxzγxz + τyzγyz) (A.1)
where σ is the normal stress, τ is the shear stress,  is the normal strain and γ is the shear strain. For
the cantilever beam loaded by force, P0, and moment, M0, shown in Figure A.17, the strain energy
density expression in (A.1) reduces to:
Φ =
1
2
(σxxxx + τxyγxy) (A.2)
In the following the two terms in (A.2) will be assessed individually.
MP0 0b
L0
M
M0
x
M  (x=L )=P L +M0 00 0zz M  (x)=Px +M0 0zz
dx
Mzz(x)
y
x
TT(x)
x
T(x)
Figure A.17: Cantilever beam with applied bending moment, M0, and applied force, P0.
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Appendix A.1. Strain energy of cantilever beam due to normal stresses
The strain energy density for the first term in (A.2) due to normal stress is:
Φ(x, y) =
1
2
σxxxx (A.3)
Based on the stress across the beam section, σxx(y) = −Mzzy/I, the strain distribution, xx(y) = −κy,
and Hookes law, σxx = Eσyy, it can be shown that the total strain energy in a beam under pure bending
moments is [53]:
UM =
∫ L0
0
(
M2zz
2EI
)
dx (A.4)
where the area moment of inertia per width, I, for a rectangular cross section is; I = b3/12. If the
beam is loaded by force, P0, and moment, M0, then the cross-sectional moment, Mzz(x), varies linearly
over the beam length, L0, as shown in Figure A.17. The strain energy of the cantilever beam in Figure
A.17 with an applied moment per width, M0, and an applied force per width, P0, is (see p. 726-731
in [54]):
UM =
∫ L0
0
(
Mzz(x)
2
2EI
)
dx =
∫ L0
0
(
(P0x+M0)
2
2EI
)
dx =
6
b3E
(
P 20
3
+ P0M0L
2
0 +M
2
0L0
)
(A.5)
The strain energy in the four-point bend specimen under applied bending forces is (M0 = 0):
UP0 = 2
P 20
b3E
L30 (A.6)
whereas the strain energy in the beam under pure bending moments is (P0 = 0):
UM0 = 6
M20
b3E
L0 (A.7)
Appendix A.2. Strain energy of cantilever beam due to shear stresses
The strain energy density for the second term in (A.2) due to shear stress is:
Φ(x, y) =
1
2
τxyγxy =
1
2
τ2xy
µ
(A.8)
where the shear stress, τxy, is given by Hookes law for shear, τxy = µγxy [54]. Here, µ is the shear
modulus and γxy is the shear strain. For a rectangular cross section, the through thickness shear stress
distribution is assumed parabolic on the form (see p. 192 in [46] or p. 392 in [54]):
τxy(x, y) =
T (x)
2I
((
b
2
)2
− y2
)
=
3
2
T (x)
b
(
1−
(
2
y
b
)2)
(A.9)
where the applied shear force is denoted T . The strain energy density becomes:
Φ(x, y) =
1
2
τxy(x, y)
2
µ
=
1
2µ
[
3
2
T (x)
b
(
1−
(
2
y
b
)2)]2
=
1
2µ
(
3
2
T (x)
b
)2(
1 +
(
2
y
b
)4
− 2
(
2
y
b
)2)
(A.10)
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The strain energy of the entire beam due to shear force, T , is determined by integration of the strain
energy density over the beam volume. First, the strain energy per unit length of the beam (in the
x-direction) is determined by integration of the strain energy density across the beam thickness:
dUT
dx
=
∫ +b/2
−b/2
Φdy =
1
2µ
(
3
2
T (x)
b
)2 ∫ +b/2
−b/2
(
1 +
(
2
y
b
)4
− 2
(
2
y
b
)2)
dy =
3
5
1
µ
T (x)2
b
(A.11)
Next, the strain energy of the beam is obtained by integrating the strain energy per unit length over
the entire beam length:
UT =
3
5
1
bµ
∫ L0
0
T (x)2dx (A.12)
Thus, the strain energy for a constant shear force, T , over the beam length, L0, see Figure A.17,
becomes:
UT =
3
5
T 2L0
bµ
(A.13)
Appendix B. Analytical model of a pure bending specimen
The simplest case possible, the pure bending specimen sketched in Figure B.18 (A), can be described
by two non-dimensional geometrical parameters: a/b, h/b. For beam rotations (Figure 2 (C)), the total
rotation, θt, is the sum of the rotation without a crack, θno,crack, plus the rotation introduced by the
presence of a crack, θcrack, as described by the work of Rice et al. [44]:
θt = θno,crack + θcrack (B.1)
Equivalently, the total strain energy of the beam can be written [44, 29]:
Ut = Uno,crack + Ucrack (B.2)
Using equation B.1, the work done by the external moment is:
Vt =
1
2
Mθt =
1
2
M(θno,crack + θcrack) =
1
2
Mθno,crack +
1
2
Mθcrack (B.3)
The rotation angle for the pure bending specimen with no crack, θno,crack, is derived by elementary
beam theory based on p. 726 in Gere and Goodno [54]:
θno,crack =
M2h
E¯I
=
24M
b2E¯
h
b
(B.4)
The change in elastic strain energy per unit extension of the crack is [47]:
U(a′) =
∫ a′
0
GI(a)da (B.5)
where U(a′) = Ucrack is the change of strain energy when the crack extends from a = 0 to a = a′.
Inserting GI from equation 8 into equation B.5, the strain energy of the crack becomes:
Ucrack =
1
2
Mθcrack =
36M2pi
b4E¯
∫ a′
0
[
aF (a/b)2
]
da (B.6)
26
where we arrive at Ucrack = Mθcrack/2 by combining equation B.2 and equation B.3 through equation
C.2. From equation B.6 the rotation angle from the presence of the crack, θcrack, can be determined:
θcrack =
72M
b2E¯
pi
∫ a′
0
[
aF (a/b)2
b2
]
da (B.7)
Inserting M = σxxb
2/6 from equation 6 into equation B.7 gives:
θcrack =
12σxx
E¯
pi
∫ a′
0
[
a[F (a/b)]2
b2
]
da =
4σxx
E¯
(
3pi
∫ a′
0
[
a[F (a/b)]2
b2
]
da
)
=
4σxx
E¯
S(a/b) (B.8)
Thus, from equation B.8 it follows that S(a/b) = 3pi
∫ a′
0
[
a[F (a/b)]2
b2
]
da. S(a/b) is also given as a fit by
Tada et al. [29]:
S(a/b) =
(
a/b
1− a/b
)2 [
5.93− 19.69(a/b) + 37.14(a/b)2 − 35.84(a/b)3 + 13.12(a/b)4] (B.9)
The rotation angle, θt, can be determined from equation B.1 by adding θcrack (equation B.8) and
θno,crack (equation B.4). Subsequently, θt in equation B.1 can be used in combination with the general
compliance relation, Ct = θt/M , to derive the compliance, Ct, for the pure bending specimen in Figure
B.18 (A) as:
Ct =
24
b2E¯
(
h
b
+ S(a/b)
)
(B.10)
The energy release rate, GI , for the pure bending specimen can be expressed in terms of an applied
rotation by inserting Ct in equation B.10 in the general relation for compliance, M = θt/Ct, and finally
inserting M into equation 8 for GI :
GI =
1
E¯
σ2xxpia[F (a/b)]
2 =
1
E¯
36M2
b4
piaF (a/b)2 =
1
16
θ2t E¯piaF (a/b)
2(
h
b + S(a/b)
)2 (B.11)
The expression for GI (equation B.11) can also be written on a non-dimensional form as:
GIE¯b
3
M2
= 36pi
a
b
[F (a/b)]
2
for load control (B.12)
GI
E¯bθ2t
=
1
16
a
b
pi [F (a/b)]
2(
h
b + S(a/b)
)2 for displacement control (B.13)
Equation B.12 and equation B.13, plotted in the graphs in Figure B.18, represent the non-dimensional
energy release rate for a pure bending specimen with applied moment and -rotation, respectively.
Figure B.18 (B) shows that GI increases monotonic with a/b. Figure B.18 (C) shows that GI increases
until a peak values is attained, hereafter GI decreases smoothly towards zero. Note, with increasing
h/b, the shape of the curves approaches the shape of the curve for moment control although the
specimen is loaded in rotation control. On the other hand, stability is enhanced when h/b is small.
Note, the crack approaches a free surface at a/b = 1.0. For rotation control; GI → 0 when a/b→ 1.0,
and for moment control; GI →∞ when a/b→ 1.0.
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Figure B.18: (A) Analytical model of pure bending specimen. (B) Energy release rate result (equation B.12) in moment
control (dashed line). (C) Energy release rate result (equation B.13) in rotation control (solid lines) for different h/b.
Appendix C. Analytical model of a homogenous four-point SENB specimen
The homogeneous four-point SENB specimen in Figure C.19 with applied point loads can be des-
cribed by three non-dimensional geometrical parameters: a/b, h/b and B/b. Equation 8 presents GI
as a function of applied load i.e. load control (dead load), but when designing experiments to be
conducted under displacement control (fixed grip) it is more convenient to express GI as a function of
displacement, δ, of the force(s).
For a linear relationship between load and deflection, the work done by the external forces is (Ugural
and Fenster [46] or Cook et al. [55]):
Vt =
1
2
Pδ (C.1)
where P is the load and δ is the load point deflection. In an elastic beam structure, without energy
dissipation i.e. a conservative system, the work done by the external force is equivalent to the total
elastic strain energy (Ugural and Fenster [46] or Cook et al. [55]):
Ut = Vt (C.2)
which is also known as Clapeyron’s theorem in linear elasticity theory [56, 57]. The total strain energy,
Ut, stored in the body of the four-point SENB specimen in Figure C.19 is the sum of the strain energy
for the specimen without crack plus the strain energy for the introduction of the crack while holding
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Figure C.19: Four-point bending setup including moment and shear distributions.
the forces constant, see Tada et al. [29], Appendix B, Beuth [47] or Rice et al. [44]:
Ut = Uno,crack +
∫ a
0
∂Ut
∂a
da (C.3)
where GI(a) = ∂Ut/∂a [29, 58]. The latter term in equation C.3 is the change in elastic energy per
unit cracked area due to the introduction of the crack and related to the ideas by Suo [59] and Beuth
[47]. The strain energies from part 1 and part 2 of the beam specimen, marked with encircled numbers
in Figure C.19 are added to the strain energy of the crack to form the total strain energy as [44]:
Ut = Uno,crack + Ucrack = (U1 + U2) + Ucrack (C.4)
Part 1 of the beam spans over the length of, −(h + B) ≤ x ≤ −h and h ≤ x ≤ h + B, according
to Figure C.19. The strain energy of part 1 of the beam, designated U1, consists of a strain energy
contribution from the force, P , causing both bending deformation and shear deformation of the beam
i.e. normal stresses and shear stresses. These strain energies are denoted UP and UT , respectively.
The strain energy contribution based on normal stress in part 1 of the beam (from the force, P ) is
given by equation A.6 as:
UP =
2(P/2)2B3
E¯b3
(C.5)
The strain energy based on the shear stresses in part 1 of the beam (from shear force, T ) is determined
in equation A.13 as:
UT =
3
5
(P/2)2B
µb
(C.6)
where µ is the shear modulus that for an isotropic material is µ = E/(2(1 + ν)). The strain energy for
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part 1 of the beam becomes:
U1 = 2(UP + UT ) = 2
(
2(P/2)2B3
E¯b3
+
3
5
(P/2)2B
µb
)
=
P 2B
E¯b
[(
B
b
)2
+
3
5
E¯
2µ
]
(C.7)
where the factor ”2” outside the parenthesis in equation C.7 is included since two regions of the
specimen are numbered 1, see Figure C.19.
Part 2 of the beam in Figure C.19 spans over −h ≤ x ≤ h. The strain energy for part 2 of the
beam, with length 2h and a pure bending moment applied, is derived using equation A.7 for UM0 .
Here, the moment, M = BP/2, and the length, L0 = 2h, are inserted in equation A.7 for UM0 to
determine the strain energy for part 2 of the beam:
U2 = 3
P 2
E¯
B2h
b3
(C.8)
The strain energy contribution from the crack is determined by inserting σxx = 6M/b
2 and M = BP/2
into θcrack = (4σxxS(a/b))/E¯, which is the rotation due to the presence of the crack from Tada et al.
[29], to give:
Ucrack =
1
2
Mθcrack =
1
2
M
4σxx
E¯
S(a/b) = 3
P 2
E¯
B2
b2
S(a/b) (C.9)
where Ucrack =
1
2Mθcrack comes from equation B.6 and S(a/b) is given by an empirical fit in Tada et
al. [29] and presented in equation B.9 for convenience. Thus, for the homogenous four-point SENB
specimen, the strain energy of part 1, part 2, and the crack (equation C.7, C.8, C.9) can now be added
to give a single expression for the total strain energy of the beam specimens volume as:
Ut = U1 + U2 + Ucrack =
P 2B
E¯b
[(
B
b
)2
+
3
5
E¯
2µ
]
+ 3
P 2
E¯
B2h
b3
+ 3
P 2
E¯
B2
b2
S(a/b) (C.10)
This expression (equation C.10) is used in section 3 to determine GI in displacement control (fixed
grip).
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Abstract
Crack deflection at material interfaces is investigated using a new experimental approach by recor-
ding images and applying 2D digital image correlation (DIC) on a four-point single-edge-notch-beam
(SENB) test specimen. A crack grows from the notch towards the adhesive-substrate interface in
mode-I. For six types of test series, measurements from DIC captured three different cracking mecha-
nisms; crack penetration into the substrate, crack deflection along the interface, and initiation of a
new crack at the interface ahead of the main crack.
The latter cracking mechanism, i.a. observed in adhesive-composite bi-material specimens, enabled
the determination of the mode-I cohesive strength of the material interfaces using a novel approach.
The measured cohesive strength of the tested interfaces was found to be low in comparison with the
macroscopic strength of the adhesive.
Keywords:
Cohesive interface modelling, Strength, Mechanical testing, Finite element analysis (FEA)
1. Introduction
In typical wind turbine rotor blades, the main parts are two aerodynamic shells and two webs made
of glass-fibre reinforced composites produced by a vacuum infusion process. The shells and webs are
moulded separately and subsequently bonded in an assembly process using a structural adhesive. The
main load carrying adhesive joints are located at the leading-edge, trailing-edge and at the webs [1].
The primary loads acting on the blade can be simplified to flap-wise- and edge-wise bending moments.
Figure 1 illustrates that edge-wise bending moments, Myy, can lead to tensile stresses, σxx, in the
adhesive of the trailing-edge joint. The trailing-edge joint is located far from the elastic center of the
blade cross section and therefore loaded with significantly higher strains which can cause transverse
cracks to evolve from pre-existing flaws in the adhesive.
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Figure 1: Wind turbine rotor blade with trailing-edge joint loaded in tension due to edge-wise bending moments, Myy .
The different order of scale from full scale blade to micro-scale defects in the adhesive layer is exemplified by m, cm,
mm, and µm.
Cracks in the trailing-edge joint, including transverse cracks, are observed in full scale blades in
operation [2]. After a small crack has formed in the adhesive as shown in Figure 2 (A), the cracking
sequence can evolve in three different ways as shown schematically in Figure 2 (B-E). It is the issue
of crack deflection/penetration that is in focus of the present study. Crack deflection at interfaces in
composite materials is known to act as a toughening mechanism for the overall structure [3, 4] which
is why a criterion for deflection is often desired.
(A)
(C)
(B)
interface
(E)
(D)
#1
#2
#1
xy
adhesivelaminate/substrate
xxσ
main crack debond crack
crack penetration
crack deflection
Figure 2: Possible cracking sequence for an adhesive joint loaded in tension. The main crack in the adhesive grows
orthogonal towards the adhesive/substrate interface (A). The crack might reach the interface (B) or initiate a new crack
at the adhesive/substrate interface (C). If the crack reach the interface it may stop here (B), but it can also penetrate
the substrate (D) or deflect along the adhesive/substrate interface (E).
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One of the first models for the cracking mechanism in Figure 2 (C) were developed by Cook and
Gordon [5]. A stress based criterion was established for an elliptical shaped crack in a homogeneous
solid. The Cook-Gordon deflection criterion states that the interface will fail if the interface strength
is less than about 1/3 to 1/5 of the bulk material strength. Otherwise, the main crack will propagate
across the interface.
Later, a fracture mechanics based approach was applied to predict crack deflection for the cracking
mechanism in Figure 2 (B), by introducing an infinitesimal small crack at the interface and in the
substrate [6, 7, 8]. In absence of elastic mismatch, the deflection criterion states that the interface-to-
substrate toughness ratio should be one fourth or less for the crack to deflect.
The stress based and fracture mechanics based approaches can be unified in a cohesive zone ap-
proach. Parmigiani and Thouless [9] studied crack deflection in a thin film on a thick substrate using
cohesive zone modelling (CZM) in finite element (FE) simulations and it was concluded that both
the cohesive strength and the toughness are important parameters for an accurate crack deflection
criterion.
Recently, Brinckmann et al. [10] modelled and tested crack deflection in multi-layered four-point
bending samples. A cohesive zone model was developed to predict deflection/penetration of the diffe-
rent layers, by varying the cohesive strength and the fracture toughness. They also conclude that both
the cohesive strength and the fracture toughness are important parameters for the crack deflection
process. Unfortunately for the experiments, crack growth were unstable according to the measured
load-displacement curve such that the crack deflection process could not be documented by images
[10].
There are only a few rigorous experimental studies where the crack deflection process are well
documented [11]. Kendall [12] tested transparent rubber using a single-edge-notch-tension (SENT)
specimen to test a derived crack deflection criterion for a Griffith crack [13]. SENT specimens with
different interface toughness were manufactured and characterized. Details about the crack deflection
process were limited since the crack growth was unstable. Instead, it was assumed that the main
crack reached the interface where it, dependent on interface toughness, continued through its path or
deflected along the interface.
Later, Lee and Clegg [11] tested crack deflection experimentally. A wedge were moved into the
notch of a PMMA laminate while the specimen were placed on a rigid foundation. The foundation
were slowly removed whereby a crack started to grow slowly from the notch in a stable manner. It
was documented that a new crack formed at the interface before the main crack reached the interface,
similarly to the mechanism shown in Figure 2 (C). Different interface toughness were tested and a
toughness based criterion were established to predict the interface debond length: The higher interface
toughness, the smaller debond length and vice versa.
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In order to test crack deflection at interfaces, Zhang and Lewandowski [14] tested three types of four-
point single-edge-notch-beam (SENB) specimens with varying interface properties. The aluminum-to-
composite adhesion were made by roll bonding, roll bonding with aluminum interlayer and epoxy
bonding. Three different cracking mechanisms were assessed in the light of strength as the governing
property for crack path selection:
• High interface strength: Crack penetrates into substrate (Figure 2 (D)).
• Intermediate interface strength: Crack reaches the interface and deflects. (Figure 2 (E)).
• Low interface strength: Crack initiation at interface ahead of main crack (Figure 2 (C)).
Unfortunately, stable crack growth could only be attained for the specimens with high interface
strength where the crack penetrated the interface. For the other two cases, the crack deflection could
only be seen as a sudden jump in the measured moment-displacement curve.
The recent developments of digital image correlation (DIC) suggests that more accurate experimen-
tal studies can be made in order to identify crack deflection during loading by in-situ observations. DIC
is a white-light full field method using a digital camera and a software package to measure displacements
by comparing images of the deformed- and undeformed specimen. DIC is an experimental mechanics
method that has been successfully applied on adhesive joints to characterize the damage sequence e.g.
for single-lap-joints [15, 16], double-butt-strap-joints [17] or bonded repair patches [18, 19, 20, 21]. DIC
has also been used to determine crack tip location during both static and cyclic loading [22, 23] and
been applied on bending experiments for various applications e.g. for the four-point SENB specimen
[22, 23, 24].
Cohesive laws, also known as traction-separations laws, can conveniently be used in numerical cohe-
sive zone models to simulate both crack initiation that is largely governed by the cohesive strength, σˆ,
and crack propagation that is primarily governed by fracture energy, Jc [25]. Cohesive zone modelling
of crack deflection requires input in terms of traction-separations laws with the most important para-
meters being the fracture energy, the critical separation, δcr, and the cohesive strength of the interface,
σˆi, and -substrate, σˆs, see the example of a traction-separation law in Figure 3. The cohesive law pa-
rameters of a straight-growing crack can be measured e.g. using a J-integral approach [26, 27, 28, 29].
Mohammed and Liechti [30] measured the cohesive law parameters for an aluminum-epoxy bi-material
interface using a calibration procedure where cohesive zone modelling by finite element simulations
were combined with measurements from an experimental test of a four-point bend specimen. However,
experimental methods to measure the cohesive law parameters for bi-material interfaces are limited
and accurate determination of the cohesive strength magnitude is challenging [31]. A novel approach
[32] demonstrated a new way to overcome this problem. Therefore, it is the aim in this paper to apply
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the novel approach [32] to determine the cohesive strength, σˆi, of the adhesive-substrate interface using
the cracking mechanism in Figure 2 (C).
δcrδ
σ  (δ)yy
σ i cohesive strength
critical separation
Figure 3: Schematic traction-separation law for a zero-thickness interface.
To summarize, crack deflection at interfaces is one of the primary cracking mechanisms of composite
structures and composite-adhesive joints. Also, stable crack growth experiments where the crack
deflection process are clearly documented are limited. Thus, it is the goal in the present paper to:
(i) perform stable crack growth experiments for different material systems/interfaces and apply DIC
to study cracking mechanisms during loading by in-situ observations.
(ii) apply a novel approach [32] to determine the cohesive strength of the interface, σˆi, for tests with
the cracking mechanism shown in Figure 2 (C).
Point (i) is used to clarify experimentally which of the cracking mechanisms (deflection, penetration
or initiation of a new crack) in Figure 2 (C-E) that can evolve for a selected range of material systems.
Therefore, stable crack growth and in-situ observations are important.
2. Problem definition
For the adhesive-composite sandwich joint design in Figure 2 (A), it is difficult in practice to initiate
a center-crack and achieve stable crack growth. Thus, for the purpose of the present paper (to obtain
stable crack growth of a crack towards an interface) the center cracked test specimen is not useful [33].
Instead, the four-point SENB specimen in Figure 4 is preferred since the experiment can be designed
such that the main crack in the displacement-loaded four-point SENB specimen grows stable towards
the bi-material interface [34].
The parameters that define the four-point SENB test specimen geometry are presented in Figure 4,
where a0 is the start-crack-length, a is the actual crack length, h is the horizontal distance between load
point and main crack, and B is the horizontal distance between load- and support point. Furthermore,
b is the thickness of the adhesive layer, c is the substrate thickness and d is the distance from crack
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Figure 4: The four-point SENB test specimen geometry with symbols describing the geometry for the bi-material
specimens.
tip to interface. The primary geometric parameters can be written in non-dimensional form as: a/b,
h/b, B/b and c/b.
The four-point SENB specimen is analyzed in a related paper [34] for load control, displacement
control, and test configuration since the mode-I energy release rate, GI , of the main crack depends
on load conditions, geometry, and stiffness mismatch. For all experiments in the present study, we
use h/b = 0.9 and B/b = 1.35, and the specimens are manufactured such that 0.2 ≤ c/b ≤ 0.3.
To enable observations of the crack deflection mechanism, the main crack should grow in a stable
manner towards the interface requiring that the energy release rate of the main crack must decrease
with crack length i.e. ∂GI/∂a < 0. Using this criterion it was determined that the start-crack-length
should be 0.55 ≤ a0/b ≤ 0.70 for elastic mismatch of 1.0 ≤ E1/E2 ≤ 12.0, and substrate thickness of
0.1 ≤ c/b ≤ 0.3 using the FE model presented in a related paper [34].
If a crack initiates in the interface between adhesive and substrate as shown in Figure 4, it will do
so in pure mode-I since shear stresses, τxy, are zero along the vertical symmetry line (at x = 0). In
order to study crack initiation, crack propagation and potentially crack deflection, an optical camera
and DIC are applied to measure the displacement field in the area of interest (AoI) shown in Figure 4.
The identification of interface crack initiation is the first step in the approach to determine the mode-I
cohesive strength of the interface.
3. Approach for determination of mode-I cohesive strength of interfaces
For the cracking mechanism in Figure 2 (C), a novel approach [32] for determination of the cohesive
strength of an adhesive-laminate interface, σˆi, was demonstrated using a four-point SENB specimen,
DIC, and a FE model. In the present study, the original approach [32] is elaborated and further
extended to account for propagation of the main crack as illustrated in Figure 5.
The approach is based on the stress field of a crack tip close to an interface that has the purpose
of initiating a new crack at the interface, see Figure 5 (A). Two scenarios can evolve during the test:
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• Scenario 1: stationary main crack (a = a0).
• Scenario 2: propagating main crack (a > a0).
During the experiments, the displacement difference, ∆δ, across the zero-thickness interface is
measured by DIC over the gauge length, lg, between two points on each side of the interface as shown
in Figure 6. During loading, the distance between the two points increases due to elastic deformation
and initiation of the interface crack. For Scenario 1, where the main crack tip is stationary (a = a0),
the displacement difference, ∆δ, across the interface must increase linearly with applied load (and
time, t) in the early stages of the experiment before interface separation, but becomes non-linear at
the onset of interface crack initiation at time t = t∗ as shown by the sketched graph in Figure 5
(B). The onset of non-linear displacement difference is denoted ∆δ∗. The corresponding value of a is
denoted a∗ (in Scenario 1, a∗ = a0) and the value of moment, M , is denoted M∗, where the moment
is per specimen width. Additionally, for Scenario 1 (a∗ = a0), the crack initiation can also be detected
by visual monitoring (in-situ). Assuming linear-elastic materials and a zero-thickness interface, the
non-linearity in measured displacement difference across the interface is attributed interface separation
only.
In Scenario 2, the main crack propagates (a∗ > a0), which change the stress field hence the
relationship between load and displacement becomes non-linear even though the interface crack remains
closed. Thus, visual monitoring is the only way to detect crack initiation at the interface. Therefore,
it is important to record the crack length and displacement field simultaneously so that the values of
M∗ and a∗ can be determined.
For a zero-thickness cohesive law and linear elastic materials, no opening is expected before the
normal stress, σyy,i, reaches the cohesive strength, σˆi, see Figure 3. Assuming that the point of non-
linearity in measured displacement difference is the onset of crack initiation at the interface means
that the level of stress, σyy,i, can be associated with the cohesive strength of the interface, σˆi. Thus,
at the time, t∗, where the crack at the interface initiates, the cohesive strength of the interface is equal
to the stress across the interface i.e. σˆi = σyy,i.
At the time of crack initiation, t∗, the associated moment, M∗, and crack length, a∗, are measured.
These measurements (M∗, a∗/b) are applied to a 2D linear-elastic FE model of the experiment, see
Figure 5 (C). The stress across the interface, σyy,i, corresponding to debond initiation is determined
by:
σyy,ib
2
M
= f(a/b, c/b, E1/E2) (1)
The non-dimensional function, f , is determined by the FE model as shown by the results in Figure
7. Details of the FE model are presented in a related paper [34]. Note, the results for the four-point
SENB models in Figure 7 depends on a/b, c/b and E1/E2, which make interpretation of the results
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challenging. However, M (and a/b in Scenario 2) are the only parameters in equation 1 that changes
with time/loading during the experiment. The interface stress, σyy,i, scales linearly with M , but
non-linearly with a/b as shown in Figure 7.
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Figure 7: Results for normalised interface stress determined numerically as a function of relative crack length, a/b, and
for different E1/E2 and c/b (results from [34]). Other parameters are h/b = 0.9 and B/b = 1.35.
4. Design and manufacturing of specimens for experiments
Six types of different four-point SENB specimens were manufactured and tested (A1, A2, B, C,
D, E) as illustrated in Figure 8. Test series A (A1, A2), referred to as ”model experiments”, was
designed for testing crack deflection versus crack penetration. Test series B, C, D, and E, referred
to as ”cohesive strength experiments”, were designed for measuring the cohesive strength of different
material interfaces. The specimens in test series A, B and C were moulded by injection of adhesive
in-between two glass plates to create a homogenous plate of adhesive. The adhesive plate was post-
cured. Prior to casting, the surfaces of the glass plates had been waxed to ease removal of adhesive
after casting.
For test series A and C, two pre-cast adhesive plates of different thickness were subsequently bonded
using the same type of adhesive. This process enabled that different interfaces could be manufactured;
the roughened surface (A1: roughened interface), the smooth surface (A2: smooth interface) and peel
ply embedded (C: peel ply interface). ”Roughened interface” means that the surface at the interface
was roughened with sandpaper of grid 180. ”Smooth interface” means that the interface was left
untreated, but cleaned. Thus, this surface finish was prepared by the surface of the smooth glass
plate. The adhesive, applied in viscous form to bond the two pre-cast adhesive plates, were left for 20
hours to harden at room temperature. Finally, the tri-layer specimens were post cured and cut into
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Figure 8: Six types of SENB test specimens divided into different categories. Model experiments: A1: roughened
interface. A2: smoothed interface. Cohesive strength experiments: B: VHB tape interface, C: peel ply interface, D:
roughened (Laminate B), E: roughened (Laminate A). Dashed lines indicate the material interface. (For bi-material
experiments; #1: Laminate, #2: Adhesive).
beams.
For test series B, two pre-cast adhesive beams of different thickness were bonded by Very High
Bond (VHB) tape (3M VHB Acrylic Adhesive 100MP).
The bi-material specimens in test series D and -E were manufactured of adhesive and glass-fiber
laminates. The laminates were produced of polyester reinforced with non-crimp-fabrics of glass-fiber
using vacuum-assisted-resin-transfer-moulding (VARTM). Subsequently, a vinylester adhesive paste
was cast onto the laminate, creating a zero-thickness interface between the adhesive and the laminate.
The plies were primarily uni-directional with main fiber-orientation in x-direction as shown in Figure
4 and Figure 8. The non-crimp-fabrics of glass fiber used for laminate A and laminate B had different
fibre-architecture. The surface on the laminate was roughened with sandpaper of grid 180 to ensure a
proper bonding of the adhesive to the surface of the laminate.
Start-cracks of length, a0, for all test specimen types, were cut using first a thin hack saw, followed
by a standard razor blade, and finally an ultra-thin razor blade of thickness 74 microns, see Figure
A.21 in Appendix A.
It was the same adhesive type that was used as material #2 for all specimens, see Figure 8. The
material systems were manufactured in a laboratory and are not representative for materials used in
wind turbine blades. However, exact material properties are confidential and results are therefore
presented in normalised form.
5. Test- and DIC setup
The test setup and equipment are presented in Figure 9. Vic 2D DIC system (Correlated Soluti-
ons) is employed to measure displacements. Practical guidelines for measuring with DIC and initial
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experiments are used to determine the DIC setup and speckle pattern [35]. The settings are primarily
inspired by the work of Reu [36, 37, 38, 39, 40, 41, 42], but also by Lava [43], and Pierron & Barton
[44], and the guidelines in the Vic manual [45]. The description of preparation of speckle pattern and
the settings used for the DIC measurements are presented in Appendix A.
Extension tube CCD sensor
LensFiber optic light
Rollers
Main
w
x
zcrack
B 2h BBackside
Frontside
Fiber optic light
Figure 9: Top-view of the four-point bend test setup and equipment.
5.1. Experimental test setup
A MTS 858 Mini Bionix II servo-hydraulic test machine applied the monotic loading in displacement
control. A load cell, calibrated for 1.5 kN, measured the load, P . A CCD sensor of type Grasshopper
GRAS-50S5M (2448x2048 pixels) was mounted to a tri-pod and to the Fujinon CCTV Lens (HF50SA-
1, 1:1.8/50mm) as shown in Figure 9. Extension tubes were used to achieve a proper magnification
[38]. During the experiments, images were recorded with a frequency of 1 Hz.
5.2. Data analysis
Vic-2D (Vic Snap Software) was used to correlate the images by applying a normalized squared
differences correlation algorithm (Optimized 8-tap interpolation scheme), see the Vic manual [45]. The
displacement and strain fields were determined in the selected AoI thus the main crack tip and the
interface were covered simultaneously.
The displacement field is the primary measurement and should preferably be used since it is de-
termined with a better accuracy than the strain field [46]. For the studies of crack deflection, the
primary use of DIC strain contours is to capture crack initiation (not to rely on a specific strain value),
which by DIC manifests itself as localised strain at the interface. The displacement difference, ∆δ,
is determined as the relative displacement over the initial gauge length, lg, and thus based on the
raw displacement measurements. The crack length, a, was measured directly on the images using a
developed Python script [47, 48].
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6. Results from model experiments in series A (penetration versus deflection)
The moment measured during the nine experiments in test series A1 is presented as a function
of elapsed time in Figure 10. After the rollers have established fully contact, the moment increases
linearly until a peak value is attained. A plateau in measured moment is found in the last part of
the test. The plateau is located just before the main crack reach the interface. Next, the main crack
propagates unstable through the specimen and penetrates into the substrate as indicated by the sudden
drop in measured moment.
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Figure 10: Results for specimens in series A1 with ”roughened” interface.
Results from test A1-7 is evaluated in further details. The measured moment, crack length and
strain contours for test A1-7 are presented in Figure 11. According to images of the front surface, the
main crack grows stable from a0/b = 0.64 to a/b = 0.92. The crack speed decreases significantly as
indicated by the larger number of data points in the plot for 0.90 ≤ a/b ≤ 0.92. From a/b = 0.92
and onwards the main crack growth becomes unstable and the crack penetrates into the substrate.
Evaluation of the fracture surfaces for test specimen A1-7 shows that the main crack has reached the
interface in the center of the specimen (at z = −w/2), but not on the front surface (at z = 0). Thus, a
crack front with shape as a thumbnail is identified and measured to be a/b = 0.08 longer in the center
than at the front of the specimen.
The measured moment for the five experiments in test series A2 is presented in Figure 12. Test A2-1
is selected for further analysis. The moment and crack length measured for test A2-1 are presented in
Figure 13 (A). The moment increases linearly with time until the main crack starts to grow at time
t ≈ 1200 s. The main crack grows stable towards the interface until time t ≈ 1402 s, see the image in
Figure 13 (B), where the crack length is measured to be a/b = 0.92. Next, at time t ≈ 1404 s, it is
observed that the main crack deflects along the interface, see Figure 13 (C).
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Figure 11: Results for test specimen A1-7 with crack penetration. maxyy is the maximum vertical strain measured
measured by DIC in (B). DIC contour plots illustrate: (B) the vertical strain and (C) horizontal strain just before crack
penetration.
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Figure 12: Results for specimens in series A2 with ”smooth” interface.
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Figure 13: Results for test specimen A2-1 with crack deflection. (A): Moment and crack length. (B): Vertical strain
contour. (C): After crack deflection. maxyy is the maximum vertical strain measured by DIC in (B).
A comparison of test A1-7 (rough interface) with test A2-1 (smooth interface) is presented. The
geometries are similar and the last crack length measurement for both tests is a/b = 0.92 (compare
Figure 11 (A) with Figure 13 (A)). This, and evaluation of the fracture surfaces, indicates that a
thumbnail shaped crack is a/b = 0.08 longer in the center (at z = −w/2) than at the edges (at z = 0)
of both specimens (A1-7 and A2-1). This suggests that the main crack, in test series A2, first reaches
the interface and then deflects along the interface.
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7. Results for experiments with adhesive tape - series B
Images taken during the test of specimen B-1 with VHB tape embedded in the interface (Figure 14
(A)) are presented in Figure 14 (B-D). As shown in Figure 14, the interface separation starts before
the main crack reaches the interface. For test series B, Scenario 2 (a∗ > a0) is observed since the main
crack has propagated slightly from its initial position, which is measured on the front surface. Thus,
a non-linear load-strain relationship cannot be used to determine the onset of interfacial separation.
Therefore, the onset of separation (t∗, M∗ and a∗) must be identified visually on images, see Figure
14, and a∗ must be measured on images accordingly.
Figure 14: (A) Results from test with specimen B-1 with VHB tape at the interface. (B) Beginning of separation
(M = M∗ = 150 Nmm/mm, a/b = a∗/b = 0.64, ∆δ = ∆δ∗). (C) Large interface separation (M = 61 Nmm/mm). (D)
Very large separation (M = 32 Nmm/mm).
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8. Results for peel ply experiments - series C
The measured moment for test series C with peel ply interface is presented in Figure 15 (B). Figure
15 (C-E) illustrates images of test C-2 at different time steps. For test specimen C-2 with peel ply
interface, Figure 15 (C) shows that the interface separates (t∗ = 1374 s) after the beginning of main
crack growth. Thus, for the specimens in test series C, Scenario 2 is observed (a∗ > a0). Just after
interfacial debond, the main crack grows unstable towards the interface as shown by the progress from
Figure 15 (D) to Figure 15 (E) and from the curves in Figure 15 (B). This behavior is explained by
the FE model in Appendix B.
Figure 15: (A) Specimens in series C with ”peel ply” interface. (B) Moment as a function of time. (C) Test C-2 before
debond at time t = 1372 s. (D) Test C-2 after debond initiation at time t = 1374 s. (E) Test C-2 after debond and after
main crack reach the interface at time t = 1376 s.
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9. Results for bi-material experiments - series D and E
The measured moment-time relationships for test series D and E are presented in Figure 16 and
Figure 17, respectively. For all of these tests, the moment increases linearly after the rollers have
established fully contact on the specimen at time t ≈ 50 s. The main crack grows stable towards the
interface until the interface suddenly debonds as indicated by the sudden drop in measured moment
in Figure 16-17. Differences in start-crack-length, a0, and adhesive layer thickness, b, are the main
reasons for the specimen-to-specimen variation.
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Figure 16: Results for test series D (Laminate B). Presented for 10 test specimens.
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Figure 17: Results for test series E (Laminate A). Presented for 7 test specimens.
Test specimen D-9 is selected for further analysis. The moment and crack length are measured and
presented in Figure 18 (A) for test D-9. Figure 18 shows that the main crack grows stable towards
the interface until time, t ≈ 957 s. On the next image at time, t ≈ 958 s, the main crack has reached
the interface (a/b = 1.0). A localised strain at the interface is captured by DIC as seen by the vertical
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Figure 18: Measurements from test D-9: (A) Moment and crack length. (B) DIC vertical strain contour plot of AoI
before debond at time t = 957 s. (C) DIC vertical strain contour plot of AoI after debond at time t = 958 s. maxyy is
the maximum vertical strain measured by DIC in (B).
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strain contour plot in Figure 18 (B) for t = 957 s for test D-9. This indicate that the interface crack
initiated before the main crack reached the interface. Thus, Scenario 1 is observed for the present
tests.
In order to determine the onset of interface separation, a displacement is measured by DIC over
the gauge length, lg = 0.1b. Thus, determining the displacement difference, ∆δ, across the interface
as shown in Figure 19.
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Figure 19: Results of test D-9 with DIC. The displacement difference, ∆δ, is normalised by the value of the displacement
difference at the onset of non-linearity, ∆δ∗. ∆δ is measured over a gauge length of lg = 0.1b. The onset of interface
separation begins at time t∗ = 600± 30 s whereas the main crack starts to propagate at time t = 840 s.
The result in Figure 19 is used to identify the time where the interface crack initiates more accu-
rately than what can be seen from the strain contours. A straight line is fitted to the first linear part
of the measured displacement difference, ∆δ/∆δ∗, and it is judged that the measurements deviate
from the fitted straight line at time t ≈ 600 s. Thus, time t∗ ≈ 600 ± 30 s is identified as the onset
of non-linearity in measured displacement difference and the time where the interface crack initiates
according to the approach presented in Figure 5.
A forward finite difference approximation of ∆δ versus t was used to determine the partial deriva-
tives, ∂∆δ/∂t and ∂2∆δ/∂2t in order to determine the point of non-linearity more accurately. It was
found that these results were comparable to the determined onset of non-linearity at time t∗ ≈ 600 s
in Figure 19 and therefore not presented in further details. However, exact determination of the time
of crack initiation is challenging [49, 50] and influenced by some degree of uncertainty as illustrated
by the error bar in Figure 19.
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10. Determination of mode-I cohesive strength of interfaces
Two examples, one for Scenario 1 and one for Scenario 2, are given to demonstrate the procedure
for the determination of the cohesive strength of the interface, σˆi. Since the material systems are
confidential, the cohesive strength of the interface, σˆi, will be presented in normalised form. According
to the stress based criterion by Cook and Gordon [5] for a homogenous solid, the interface strength
should be less than a about 1/3 to 1/5 of the bulk material for the main crack to initiate a new crack
at the weaker interface. It is therefore relevant to normalise the cohesive strength of the interface by
the cohesive strength of the adhesive. Unfortunately, the cohesive strength of the adhesive has not
been measured. Therefore, σˆi is normalised with the macroscopic strength of the adhesive, σ¯a, that
was measured by a uni-directional tensile test of a dog bone specimen.
10.1. Example: Determination of cohesive strength - Scenario 1
For the laminate-adhesive specimens (series D and E) with E1/E2 ≈ 12.0, Scenario 1 (a∗ = a0)
is observed. Thus, for test series D and E, DIC can be applied to determine the onset of interface
separation in order to determine the time of crack initiation at the interface, see the approach in Figure
5.
The approach to determine the cohesive strength of the interface for Scenario 1 (a∗ = a0) is
exemplified by test D-9. For test D-9 a displacement difference is measured by DIC as shown in Figure
19. The point of interfacial separation is identified at time t∗ = 600 s since this point is identified as
the onset of non-linear displacement difference, ∆δ∗, according to Figure 19. This time measurement
(t∗ = 600 s) is used in Figure 18 (A) to determine M∗ = 240 Nmm/mm and a∗/b = 0.57. These
parameters (M∗ = 240 Nmm/mm, a∗/b = 0.57) together with E1/E2 = 12.0 and c/b = 0.2 are used
to read off the value for σyy,ib
2/M in Figure 7. From equation 1, the mode-I cohesive strength of the
interface can be determined to be σˆi/σ¯a = 0.078 ± 0.004 for test D-9. The uncertainty is primarily a
result of the estimated precision in the value of M∗ corresponding to the range of the error bar for
t∗ = 600± 30 s in Figure 19.
10.2. Example: Determination of cohesive strength - Scenario 2
For the specimens in test series B and C, the moment at onset of separation, M∗, is measured just
before the interface debonds i.e. using visual inspection in accordance with Scenario 2 (a > a0) in the
approach in Figure 5. Thus, a∗/b is measured on the last image before the interface debonds.
An example with Scenario 2 (a∗ > a0) is given by test C-2 with peel ply interface. The results for
test C-2 is presented in Figure 13. Here, the moment just before debond was measured to M = 390
Nmm/mm and the crack length before onset of interface separation is measured to a/b = 0.78.
Inserting these values (M∗ = 390 Nmm/mm, a∗/b = 0.78) into equation 1 and using the results
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for E1/E2 = 1.0 and c/b = 0.3 in Figure 7 gives the mode-I cohesive strength of the interface:
σˆi/σ¯a = 0.163± 0.008 for test C-2. The uncertainty is primarily a result of the estimated accuracy in
the determination of the onset of interface separation.
11. Results for the mode-I cohesive strength of the interfaces
The mode-I cohesive strength results for test series B, C, D and E are presented for comparison
in Figure 20. It is clear that the cohesive strengths of the interface for the specimens in test series
B are smallest. The cohesive strengths of the interfaces for the specimens in test series C and D are
intermediate, whereas those in test series E are highest. For all specimens, the cohesive strength of
the interface is relatively small in comparison with the macroscopic strength of the adhesive, σ¯a.
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Figure 20: Results for normalised cohesive interface strength for different types of test specimens where the crack at the
interface initiated ahead of the main crack. Error bars indicate the standard deviation. The number of specimens are:
B: 2 specimens, C: 4 specimens, D: 31 specimens, E: 22 specimens.
12. Discussions
Mohammed and Liechti [30] measured the cohesive strength of an aluminum-epoxy bi-material
interface to σˆi = 3 MPa. This value can be normalised with the bulk strength of the epoxy adhesive
of σ¯a = 13.4 MPa (provided by Mohammed and Liechti [30]) to give σˆi/σ¯a = 0.217. Although the
material systems are different, the measured average cohesive strength of the interfaces in test series
E of σˆi/σ¯a = 0.195 in Figure 20 is close to the non-dimensional result by Mohammed and Liechti [30].
This close agreement leads confidence in the novel approach applied in the present paper. In order to
evaluate the accuracy of the novel approach, the measured cohesive strength of the specific interfaces
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could be compared with other independent measurements obtained by another method, e.g. using the
J-integral approach on small DCB beam specimens in environmental scanning electron microscope,
where the end-opening displacement can be measured with high accuracy [29].
Normalisation of σˆi by σ¯a is equivalent to the way Cook and Gordon [5] presented their modelling
results based on stress. They [5] suggested that the interface strength should be less than about 1/3 to
1/5 of the bulk material strength in order to ensure that a new crack initiates along the weaker interface
ahead of the main crack. Although the Cook and Gordon model was established for a homogenous
solid, the criterion is consistent with the experimental test results presented in Figure 20 since all
measured normalised cohesive strengths of the interfaces in Figure 20 are below 1/5. Since crack
penetration into the substrate is observed in test series A1, it is expected based on the Cook-Gordon
criterion that the cohesive strength of the interfaces for the specimens in test series A1 is σˆi/σ¯a > 1/3.
In order to determine the cohesive strength of the interface accurately, it is found important to
identify the correct load and crack tip location at correct time t∗ corresponding to the onset of interface
separation. It can be seen in Figure 18 that the maximum moment for test D-9 is measured at time
t = 840 s, which is 1.4 times M∗ determined at time t∗ = 600 s. Thus, the use of maximum moment as
M∗, as proposed by Zhang and Lewandowski [14], would clearly overestimate the determined cohesive
strength of the interface, σˆi, since in the experiments the crack initiates before the moment reaches
the peak.
For test series C with peel ply interface and the bi-material tests, it is observed shortly after
interface crack initiation that the main crack starts to grow unstable towards the interface. The
observed instability of the main crack, shown in Figure 18, is attributed the initiation of a new crack
at the interface since the energy release rate of the main crack increase when the interface crack is
fully developed. This phenomenon is explained by FE simulations in Appendix B.
Possible improvements of the work in the present paper are discussed. One of the limitations of
the method is that the main crack should preferably be stationary in order to make the most accurate
prediction of the onset of separation i.e. enabling the use of DIC to identify crack initiation. A more
thorough numerical study could be made in order to determine the optimum combination of h/b, B/b,
and a0/b for the four-point SENB specimen. The shape of the notch could also be changed e.g. by
using an elliptical or circular shaped notch instead of the start-crack in the four-point SENB specimen.
Then, the risk of main crack propagation would be reduced.
It is demonstrated that the vertical normal stress, σyy, in front of the main crack can initiate
a new crack at the interface before the main crack reaches the interface, which is similar to the
experimental observations by Lee and Clegg [11]. This suggests that the interfacial strength is low
in comparison with both the adhesive and the substrate. This cracking mechanism (Figure 2 (C))
enables determination of the cohesive strength of the interface that can be used as input for cohesive
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zone models to simulate crack deflection at interfaces in adhesive joints [9, 10]. Thus, experimental
tests and numerical simulations can be combined to solve the challenging problem of crack deflection
at interfaces.
Based on the literature presented in the introduction, especially the work by Parmigiani and Thou-
less [9], and the experiments in the present paper, it is judged that the cohesive strength of the interface
and the of substrate are important parameters in an accurate crack deflection criterion. However, ad-
ditional experiments with systematic varying cohesive strength of the interface/substrate is needed to
form such a crack deflection criterion.
At present, the initiation of a new crack at the interface cannot be modelled by the available energy
based models [6, 7]. Therefore, a criterion for crack initiation at the interface must be based on strength
[5, 14] or preferably CZM [9, 10]. Cohesive zone modelling of the competition between main crack
growth and initiation of an interface crack is a natural extension of the experimental studies presented
in this paper and it may be addressed by models similar to those by Parmigiani and Thouless [9] and
Brinckmann et al. [10]. This CZM modelling framework can subsequently be used for sub-modelling
of adhesive joints in large bonded structures, like a wind turbine blade, to predict crack deflection at
interfaces on a sub-component scale.
13. Conclusions
Based on a four-point SENB specimen design with stable crack growth, it was found possible to
study the cracking mechanisms during loading by DIC and in-situ observations. Model experiments
showed that the crack penetrated into the substrate for the specimen with roughened (strong) interface,
whereas for the specimen with smooth (weak) interface the crack deflected along the interface.
Observations by DIC, during four other experiments with different types of four-point SENB spe-
cimens, showed that a new crack initiated at the interface before the main crack reached the interface.
DIC was succesfully used to determine the onset of interface separation by measuring a displacement
difference across the interface. The initiation of the interface crack enabled determination of the cohe-
sive strength of the different material interfaces using a novel approach. The cohesive strength of the
interfaces was found to be low in comparison with the macroscopic strength of the adhesive.
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Appendix A. DIC setup and settings
Appendix A.1. Field of view
The first step in design of the four-point SENB experiments with DIC is the selection of Field of
View (FOV), which together with the camera resolution (2448x2048) defines the displacement accuracy,
spatial resolution, and the scaling between pixels and microns (µm or mm) [51]. It is desired to have
as many pixels in the measurement area as possible [38], but this is limited by the need of keeping the
main crack tip and the interface in the FoV simultaneously. Based on initial experiments, it was found
that the scaling between pixels and microns should be approx. 3 µm/pixel (or slightly less).
Appendix A.2. Speckle pattern
A speckle pattern was applied to the front surface using an Iwata CM-B airbrush where the aim
was to achieve a 50/50 distribution of black/white [42] and build up a surface of multiple thin layers
[40]. The speckle pattern equipment (airbrush) had limitations since the smallest achievable speckle
size was approx. 5-10 microns. Furthermore, it was desired to have 3-7 pixels per speckle and at least
2-3 speckles in each subset in order to have a suitable trade-off between spatial resolution and noise
[52, 53, 54]. The 3 pixels speckle size minimum guideline was to avoid aliasing and the maximum
guideline of 7 pixels was to maximise spatial resolution [55]. The contrast, which was defined as the
difference in gray level counts between the bright and the dark areas of the speckle pattern, should be
maximised [56].
Appendix A.3. Speckle-, subset- and step-Sizes
The speckles, shown in Figure A.21, were measured in an optical microscope to be in the range of
∼8-30 microns. A subset size of about 20 pixels could be used as a good compromise between spatial
resolution and noise if speckle sizes of 3-5 pixels were achieved [57]. The average speckle size was
measured to ∼3-10 pixels and a larger subset size must therefore be used e.g. a subset size of 25-30
pixels. The guideline of 2-3 unique features in each subset should be followed. The subset size was
set relatively small since it was important to capture displacement gradients and it was less important
to reduce noise. A rule of thumb was not to set the step size greater than ∼ 1/4 of the subset size
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Figure A.21: Speckle pattern near the start crack tip of test D-10 (optical microscope).
since smaller step sizes increased the solution time without adding independent measurements [51].
Therefore, the subset size was set to 25 pixels and the step size to 5 pixels. This gave approx. 100,000
measuring points on the sample. The spatial resolution was 25 pixels. The displacement resolution
was 0.02 pixels and the strain resolution was 1.9 · 10−4 m/m. These values were determined based on
25 still images taken before loading the specimen.
Appendix A.4. Light conditions and camera settings
Fiber optic lights from Cole-Palmer illuminated the specimens front surface as shown in Figure
9. Adequate lightning of the speckle pattern was important [39] and the light should be uniform,
bright, and diffuse to capture a good contrast image [41, 37]. Image contrast and noise depends on the
interaction of lightning and the speckle pattern [37] and it was a trade-off between light intensity and
reflections. For the experiments in this paper, reflections were primarily originating from too thick
layers of paint. Missing paint was a minor problem since the surfaces of the adhesive and glass-fiber
materials were non-reflective.
The selection of aperture level is a trade-off between gathering light and capturing image depth [35]
and typically the aperture is reduced to increase the depth of field [38, 37]. In the present experiments
the aperture size was set to a medium level of f/8 where the bounds for the lens was f/22 and f/1.8. At
large magnifications, rigid body movement should be minimised in order to achieve high precision DIC
results. Therefore, it was advantageous that the load- and support-span were small for the four-point
SENB specimen.
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Appendix B. The effect of interfacial debond in the four-point SENB specimen
The socalled Cook-Gordon [5] cracking mechanism, sketched in Figure 2 (C), where a debond crack
at the interface develops before the main crack reach the interface, is modeled using finite elements
in order to determine the effect of the debond crack length, D, on the stability of the main crack
propagation. The details of the finite element model is presented in a related paper [34]. The debond
crack is initiated by the normal stress component perpendicular to the main crack and located at
a weak interface. The Cook-Gordon [5] cracking mechanism is also observed in experimental tests
[14, 11, 58]. The non-dimensional energy release rate results for the main crack are presented in Figure
B.22 for a substrate with stiffness mismatch of E1/E2 = 12 (bi-material) that is comparable to the
stiffness of a uni-directional glass fiber laminate with a polymer adhesive layer. For short main crack
lengths (small a/b), the effect of debond crack is limited. In turn, when the main crack approaches
the debond crack, the constraining effect of the main crack is reduced hence the energy release rate of
the main crack increases.
0.0 0.2 0.4 0.6 0.8 1.00.00
0.02
0.04
0.06
0.08
0.10
0.12
D/b= 0.00D/b= 0.05
D/b= 0.10D/b= 0.20
D/b= 0.40c/b=0.2h/b=0.9
B/b=1.35
E /E =121 2
[-]
G 
(b+
c)/
E δ
2
a/b [-]
2
(i) (ii)
(iii)
(iv)
ab
2Dc
B
xy
Debond
crack
Main
crackh
δδ
#1
#2I
Figure B.22: Results from FE model with debond of different length, D/b. Other parameters are: E1/E2 = 12, h/b = 0.9,
B/b = 1.35 and c/b = 0.2. (#1 is substrate, #2 is adhesive).
To exemplify, recall that the tests are designed so the start-crack length, a0/b, is slightly larger
than (a/b)peak for D/b = 0.0 (point (i) in Figure B.22). Then, ∂GI/∂a < 0 is satisfied and the main
crack grows stable under monotonic loading with increasing a/b to point (ii). If an interface crack of a
certain length, lets say D/b = 0.4, suddenly develops at the interface, then the energy release rate of
the main crack increases instantly from point (ii) to point (iii) in Figure B.22. The increase in energy
release rate of the main crack will cause the main crack to grow instantaneously to point (iv). Thus,
the main crack growth becomes unstable if suddenly a sharp debond crack develops at the interface.
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Abstract. The cohesive strength is one of the governing parameters controlling crack
deflection at interfaces, but measuring its magnitude is challenging. In this paper, we
demonstrate a novel approach to determine the mode-I cohesive strength of an interface by using
a 4-point single-edge-notch beam specimen. The test specimen is made of a glue cast onto a uni-
directional, glass-fiber laminate. A crack is cut in the glue, orthogonal to the interface, which
creates a high normal stress across the glue/laminate interface during loading. It is observed
that a new crack can be initiated along the interface in response to this stress, before the main
crack starts to grow. Observations using 2D digital-image correlation showed that an ”apparent”
strain across the interface initially increases linearly with the applied load, but becomes non-
linear upon the initiation of the interface crack. The cohesive strength is determined, using a 2D,
linear-elastic, finite-element model of the experiment, as the stress value where the experimental
measured ”apparent” strain value becomes non-linear across the interface.
1. Introduction
Crack deflection along interfaces is an important failure mechanism in adhesive bonded joints.
Several studies on crack deflection have been presented previously, but with a primary focus
on modeling. An early work was by Cook and Gordon [1], who used a stress-based approach
to model an elliptical notch situated a short distance from a weak interface in a homogeneous
substrate. The peak stresses normal to the interface and normal to the notch were compared
to show that the interface fails before the substrate (causing crack deflection), if the interface
strength is less than about one fifth of the substrate strength.
Later models of crack deflection used an energy-based approach by applying linear-elastic
fracture mechanics (LEFM) [2, 3, 4]. These models indicated that, in the absence of a modulus
mismatch, the interface toughness should be less than one fourth of the substrate toughness
for the crack to deflect. Thus, modeling the deflection of a crack at an interface was, at first,
either based on stress [1] or toughness [2]. These two distinct concepts, strength and toughness,
are unified in a cohesive law [5]. It was shown that the cohesive strength of the interface is
one of the governing parameters that controls crack deflection [5]. This cohesive strength can
be measured experimentally using environmental scanning-electron microscopy (ESEM) [6] in
conjunction with the J-integral [7, 8]. Unfortunately, this method requires advanced equipment
and specialized loading devices.
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Experimental studies of crack deflection at interfaces are very limited, and only a few have
been found [9, 10]. Kendall [9] derived a deflection criterion for a Griffith crack, and used single-
edge-notch-tension (SENT) specimens made from a brittle and transparent ethylene propylene
rubber in which crack propagation could be monitored. Unfortunately, details and images of the
crack deflection process were not presented in that paper. A subsequent experiment [10] used a
wedge to load a single-edge-notch-beam (SENB) to show that an interface crack was initiated
before the main crack reached the interface. This competition between growth of the main crack
and initiation of an interface crack is similar to the model proposed by Cook and Gordon [1].
In this paper, crack deflection at an interface is studied using a 4-point SENB specimen.
The test specimen is manufactured of a brittle vinylester glue cast onto a uni-directional glass-
fiber-reinforced polyester laminate. 2D digital-image-correlation (DIC) is used to measure the
full displacement field during loading of the specimen. It is found that a new crack initiates in
the interface prior to the main crack reaching the interface. This is similar to the experimental
observations of Lee and Clegg [10], but we use this failure mode to develop a new approach to
measure the cohesive strength of the interface.
2. Approach
A new approach is proposed in this paper for measuring the cohesive strength of the interface,
σˆ. This approach is summarized in figure 1. The strength is measured using 2D DIC (figure
1(a)), in combination with a linear-elastic finite-element (FE) model of the experiment (figure
1(b)). During the test, measurements of an ”apparent” strain, yy, acting normal to the interface
allows the point at which the interface crack is initiated to be identified. yy is obtained from
the displacement difference between two points on either side of the interface divided by gauge
length, lg as shown on Figure 2.
Experimental
determination:
- Non-linear strain, 
- Record crack length, a
  and moment, M
Finite element
simulation:
- Linear-elastic analysis
- Determine stress,     for
  interface at 
σa, M
(a) (b)
εyy d σyy
d
ε = yy ε yyd
Figure 1. Approach to obtain cohesive strength of the
interface.
zero-thickness
interface glue
substratelg
Figure 2. Measuring an
”apparent” strain, yy.
The strain field at the interface increases linearly with load until the point at which the
interface crack initiates. The applied bending moment, Md and the crack length, a at the
point when DIC indicates that the ”apparent” strain is no longer linear are identified. Linear-
elastic materials and a zero-thickness interface are assumed hence the non-linearity in measured
”apparent” strain is due to interface separation. Separation of interface is the first step in the
crack initiation process and this is the beginning of delamination. These conditions are then used
in a linear-elastic finite-element model of the experiment, assuming an orthotropic substrate and
an isotropic glue, to calculate the normal stress at the interface. The maximum stress calculated
from this numerical analysis is taken to be the cohesive strength of the interface.
3. Methods
The 4-point SENB specimen is illustrated in figure 3, and the dimensions are given in table 1.
In this figure and table a0 is pre-crack length, a is the actual crack length, b is thickness of the
glue, c is thickness of the laminate, w is width, and L is the length of the specimen.
37th Risø International Symposium on Materials Science IOP Publishing
IOP Conf. Series: Materials Science and Engineering 139 (2016) 012025 doi:10.1088/1757-899X/139/1/012025
2
interface
uni-directional 
glass fiber laminate
ab
c
0a
x
y
glue
M Msubstratez
main crackL w
Figure 3. Geometry and
nomenclature of the 4 point
SENB specimen. The uni-
directional fibers are oriented
in the x-direction according to
the coordinate system.
Table 1. Dimensions of test specimen.
a0/b [-] c/b [-] L/b [-] w/b [-]
0.6 0.2 6.6 1.1
3.1. Design of experiment by finite element modeling
The purpose of the main crack is to create a high normal stress across the interface. Furthermore,
this geometry containing a crack is selected because it can be modeled precisely using FE,
allowing the interface stress to be determined accurately. The interface stress is extracted in
the symmetry line (x = 0, y = −c) where the shear stress is zero hence the crack initiation
is mode-I. For the approach to work, the interface crack must initiate before the main crack
reaches the interface, and, if the main crack starts to grow, it should do so in a stable manner.
The energy-release rate of the main crack, G, shown on figure 3, can be determined for a
homogeneous specimen using the results of Tada et al. [11]. However, the energy-release rate
for the present case of an orthotropic substrate and an isotropic glue depends on the following
parameters:
a/b, c/b, Exx,s/Eg, Eyy,s/Eg, µxy,s/Eg, νxy,s, νg
where E is in-plane stiffness, µ is shear modulus, ν is Poisson’s ratio, and the subscripts s and
g represent the substrate and glue, respectively.
0.0 0.2 0.4 0.6 0.8 1.0
a/b [ -]
0.0
0.2
0.4
0.6
0.8
1.0
Selected pre-crack length
(a /b = 0.6)0
Unstable Stable
ma
x[-
]
G/
G
(∂G/∂a>0) (∂G/∂a<0)Top-point
location
(∂G/∂a=0)
Figure 4. Results from
the finite element model
of the test specimen ge-
ometry, where the nor-
malized energy release
rate is determined as a
function of relative crack
length.
It is important that the main crack grows stably to avoid dynamic effects i.e. rapid, unstable
crack growth, in the experiment. A 2D plane-strain linear-elastic finite-element model is used
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to determine a suitable initial length for the main crack to ensure stable crack growth. The
normalized energy-release rate of the main crack is determined as a function of the relative
crack length, a/b, from the FE calculations and shown in figure 4.
Stable growth of the main crack is achieved if ∂G/∂a < 0. If the pre-crack is very long then
the main crack will grow stably, but it will be very close to the interface. Therefore, from figure
4, a normalized pre-crack length of a0/b = 0.6 is selected as the best compromise between length
and stability.
3.2. Test specimen and speckle pattern
The test specimen is manufactured from polyester reinforced with fabrics of uni-directional
glass fiber, using vacuum-assisted resin-transfer moulding (VARTM). A brittle vinylester glue
is subsequently cast onto the glass-fiber laminate creating a zero-thickness interface. The exact
material data are confidential, and the results are, therefore, normalized when presented. The
pre-crack is cut in the glue using first a thin hack saw, then a standard razor blade, and finally
an ultra-thin razor blade of thickness 74 microns. See figure 5 and figure 6 for images of the
pre-crack.
Figure 5. Image taken in optical microscope,
of the front of the test specimen showing the
pre-crack and speckle pattern.
Figure 6. Zoom of the dashed square on
figure 5 showing the speckle pattern close to
the pre-crack tip.
A speckle pattern is applied to the front surface using an Iwata CM-B airbrush. First, a
white baseline paint is applied to cover the front surface of the specimen. Afterwards, a carbon
black paint is applied with increased pressure to minimize the speckle sizes. 3-5 pixels across
each speckle diameter, and 10 speckles per subset are desired to track displacements accurately,
and to maximize the spatial resolution in DIC [12].
It is desirable to have a scaling factor between microns and pixels of about 3 microns/pixel or
less to capture the crack initiation accurately. Thus, the speckles should be between 9 microns
and 15 microns (3x3 and 5x3). Larger speckles would lower the spatial resolution, since a larger
subset should be used to maintain the 10 speckles per subset. After application of the speckle
pattern, the speckles are measured in an optical microscope to between 8 and 28 microns, see
figure 6. The actual scaling factor is determined, based on a scale bar mounted on the images,
to 2.8 microns/px leading to a field of view (FoV) of 6.8 x 5.7 mm (2448x2048 pixels). The
pre-crack lengths are measured using a digital vernier caliper with an accuracy of a0/b ± 1%,
while the crack length is measured during the test using the images, which can be measured
with an accuracy of about ±4 pixels.
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3.3. Experimental setup and procedure
A MTS 858 Mini Bionix II servo-hydraulic test machine is used in displacement control to load
the specimen at a rate of 0.015 mm/min (0.00025 mm/s) for the cross-head displacement. The
specimen is loaded slowly so many images can be captured during the test. The test is conducted
at room temperature. Data (time, force, cross head displacement) are collected on a PC at 10
Hz.
Vic-2D DIC system (Vic Snap 8) is used to capture the images with an image frequency of 1
Hz. A CCD sensor of brand Grasshopper GRAS-50S5M and Fujinon CCTV Lens (1:1.8/50mm)
are used with the DIC system. A fiber-optic illuminator from Cole-Palmer is used to illuminate
the specimen surface. The camera is mounted on a tripod that can be moved in the y-direction
and rotated around 3 axes. The lens aperture is set to a medium level of 8, where the minimum
is 1.8 and the maximum is 22. This is found to be the best trade-off between capturing surface
depth and the amount of light let through the lens.
3.4. Data analysis
Images are correlated with a subset size of 31 pixels and a step size of 3 pixels to obtain the full
displacement field using the DIC software, DaVis from LaVision. The subset size is set hence
approx. 10 speckles are found in each subset. The step size is set small enough to resolve the
fine details of the interface.
The ”apparent” strain is determined, by a script, using the displacement at two points across
the interface divided by their separation to obtain an average ”apparent” strain across the
interface. Here a gauge length, lg of lg/b = 0.007 is used. This method is equivalent to using a
virtual strain gauge across the interface in the DIC software. As a check, the normal strain at
the interface is also calculated by the DIC software at different points across the interface. The
precise location of interface is taken as the point with the largest strain value. The two methods
resulted in the same strain value across the interface. The strains are not further post processed
since the purpose of the strain measurement is to identify strain non-linearity.
4. Results
Figure 7 illustrates the relative crack length and the normalized moment as a function of time
after the start of the experiment. According to figure 7, the moment increases non-linearly with
time until about ∼ 200 s. This is attributed the establishment of full contact of the rollers on
the specimen. Thereafter, the moment increases linearly with time, until the main crack in the
glue starts to propagate at t = 1100 s. Figure 7 also shows that when the interface crack is fully
developed, the main crack grows and reaches the interface to form a doubly-deflected crack at
the interface.
The role of the DIC measurements is to identify the ”apparent” strain, yy. These
measurements indicate a transition from a linear relationship to a non-linear relationship between
the ”apparent” strain and the moment at t = 800 s (figure 8). The value of the ”apparent”
strain at which this occurs is designated by dyy. This is confirmed by observed changes in strain
field by contour plots of the vertical strain, similar to those shown in figure 9.
A comparison between figures 9 and 8 shows that both the normal strain across the interface
and the applied moment increase linearly with time until t= 800 s. In this regime, the ”apparent”
strain is proportional to the applied moment, as one would expect for a linear-elastic system.
After this point, the moment continues to increase linearly with time until the main crack in
the glue grows at t = 1100 s, figure 7. However, even while there is still linear elasticity at the
macroscopic scale (800 s < t < 1100 s) the strain across the interface increases significantly -
this apparent localization of strain is taken to indicate the onset of interfacial delamination. If
it is assumed that this is failure of the zero-thickness interface then the level of stress at which
the onset of non-linearity occurs can be associated with the cohesive strength of the interface.
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The cohesive strength of the interface is determined by using an finite-element model (Section
3.1) to calculate the value of the normal stress across the interface at the conditions under which
the onset of a non-linear strain were observed. It is estimated that the time of transition from
linear to non-linear strain at the interface can be identified to an accuracy of ±50 s, the pre-
crack length can be measured to an accuracy of a0/b±1%, and other uncertainties are indicated
by error bars in figure 7. As discussed earlier, the material properties that entered into this
calculation are confidential information. However, the calculations result in a cohesive strength
for the interface of:
σˆ/σ¯g = 0.081± 0.007 (1)
Again, owing to the confidential nature of the system, the cohesive strength has been normalized
with the macroscopic strength of the glue, σ¯g, which was obtained by a uni-directional tensile
test of a dog bone specimen with a gauge length of 115 mm. It would be more appropriate to
normalize with the cohesive strength of the glue, but this is not known.
5. Discussion
The cohesive strength can be determined with ESEM using a J-integral based approach [6]. This
approach requires manufacturing tiny specimens and using specialized and expensive equipment,
such as a special fracture mechanics loading stage for ESEM. A benchmark of the new approach
with the ESEM and the J-integral based approach is proposed as a future study.
One of the advantages with the new approach presented in this paper is that there is no need
to use advanced scanning-electron microscope equipment, since a standard 4 point bend rig with
a DIC camera system can solve the task. During the last decade DIC has become a relatively
easy, cheap, and efficient tool for measuring in-plane deformations, and it is available in most
labs at universities [13]. The new approach is not limited to the 4-point SENB specimen, but
it can be used with any other test specimen, provided that the interface crack initiation can be
captured by DIC and the interface stress can be accurately determined using a model (e.g. FE
or analytical).
The cohesive strength at the interface is extracted in the symmetry line (x = 0, y = −c) of
the SENB specimen where the shear stress is zero and therefore the crack initiation is mode-I.
If the interface crack initiates at other locations along the interface, e.g. due to a defect, the
crack initiation will be mixed mode. This is also confirmed by the FE model.
It is beneficial that the interface crack initiates before the main crack starts to propagate so
that the growth of the main crack does not change the strain field. For an interface cohesive law
with a high σˆ it may not be possible to initiate the interface crack, but maybe the test specimen
could be optimized further in the future to enable this. Another design of the test specimen
to determine the cohesive strength could be a SENB geometry with an elliptical notch. The
advantage of this geometry is that the stress concentration factor would be known, and it will
be harder for the main crack to start growing. This might simplify the analysis. An analysis
similar to that of Cook and Gordon [1] could then be used to determine the optimum distance
from notch to interface.
6. Conclusion
It can be concluded that the mode-I cohesive strength can be determined using a 4-point SENB
test specimen in combination with 2D DIC measurements and linear-elastic finite element
modeling. For the material system tested, a normalized cohesive strength is determined to
σˆ/σ¯g = 0.081 ± 0.007, meaning that the interface cohesive strength is about 0.08 of the
macroscopic strength of the glue.
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